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Abstract  

Thermal Barrier Coating systems (TBCs) serve as a key component in gas turbines in aerospace engines, 

isolating the metallic substrate from severe heat flux of the environment. The durability of TBCs has been 

considered to be a critical issue to determine the service lifespan of hot section components.  

Comprehensive studies of failure mechanisms benefit the gas turbine industry to develop TBCs with better 

material properties and stable microstructures, thus potentially enhancing their durability.  

To date, many failure mechanism analyses have been conducted based on the understanding of critical 

residual stress developed under different thermal tests. For the present study, using the Finite Element (FE) 

method with temperature-process-dependent model parameters, the maximum residual stress is calculated 

with evolution of the localized/global interfacial roughness profile based on Electron Beam-Physical 

Vapour Deposition Thermal Barrier Coating system (EB-PVD TBCs). With studies of cracking routes from 

past research, qualitative failure mechanism analysis is conducted for EB-PVD TBCs. In addition, the 

estimated energy release rates are compared to reveal the effect of different thermal profiles on the crack 

driving forces for Atmospheric Plasma Sprayed Thermal Barrier Coating systems (APS-TBCs). Using 

previously observed cracking routes from different thermal cycling experiments, a quantitative failure 

mechanism analysis is conducted for APS-TBCs with modified analytical expressions.  

 In addition, literature works revealed that physics and mechanics-based models were proposed to 

evaluate environment induced damage. For the last part of my research, erosion of EB-PVD TBCs is 

estimated using a modified solid particle erosion model. A stochastic approach is applied to study the 

erosion of EB-PVD topcoat (TC) under real engine service conditions. The durability of TBCs is affected 

by both oxidation-induced degradation and environment-induced damage. The combination of “internal” 

crack driving forces (generated from residual stresses developed upon different stages of thermal cycles) 

and “external” erosion damage (from temperature-process dependent brittle/ductile erosion) lead to 

complexity of evaluating durability under different service conditions.  



III 

 

Key Words: Thermal Barrier Coating, stress models, failure mechanism analysis, crack driving forces, 

solid particle erosion 

  



IV 

 

Acknowledgement 

 
First of all, I have been very grateful to be advised under my supervisor, prof. Natalie Baddour and my co-

supervisor, Prof. Kuiying Chen since I was a master student. Prof. Baddour has been very patient on guiding 

me to identify the research objectives based on my field of study, she also helped me a lot with my outline 

and scientific English writing of my thesis/journal papers. The financial support she offered was a great 

help when I was struggling during the end of my Ph.D. study. Prof. Chen has been playing as a major role 

in my academic contributions. He kept enlightening me with his insight on research fields. I’m really glad 

to learn from him and develop my method to deal with technical challenges under his proper guidance. I 

would thank for prof. Baddour and Prof. Chen for offering me the opportunity to work with them which 

benefits me for a lifetime. 

I appreciate the work done from my thesis committee. Their comments and suggestions are valuable 

for my Ph.D. dissertation. Their advice means a lot to me and I feel really confident to develop my future 

career with their encouragement.  

I want to thank my family, my motherland and the University of Ottawa. The care from my parents 

and other family members never stopped since the first day I arrived in Canada. The contract between the 

China scholarship council and University of Ottawa provides me with funding for daily expense during the 

first four-years Ph.D. study. These kept motivating me during the time I spent in Ottawa. I kept asking 

myself to make more academic contributions during my Ph.D. study and I’m looking forward to fulfill my 

two-years service after graduation and returning back to China.  

I would like to thank all professors, my colleagues and friends who helped me during my Ph.D. study. 

To Prof. Mihaita Matei, Prof. Tao Jin and Prof. Fabio Variola, it is significant for your help with technical 

challenges in my researches. To Mr. Junqi Hong and Mr. yujie Hu, thanks for inspiration to my research 

modelling. To Mr. Yang Du, Dr. Yang li, Mr. Wentian Wang, Ms. Shuhong Dong, all your suggestions 

affect me in a positive way during my studies.  

I would like to give special thanks to people and groups who live in Ottawa. I really enjoyed the time 

I spent in Futuro soccer academy where head coach Mr. Sanjeev Parmar, former goalkeeper coach Mr. 

Francesco Leuzzi and the rest of coaches were willing to help me improve with my coaching skills. It was 

my favorite to play with my friends in Team Atletico Bronson and Team Falcon soccer club. The warmth 

from Canadian people kept encouraging me for this long journey. 

 

 



V 

 

Table of Contents 

Abstract ........................................................................................................................................................ II 

Acknowledgement ...................................................................................................................................... IV 

List of Abbreviations ............................................................................................................................ XXIV 

Nomenclature ........................................................................................................................................ XXVI 

1. Introduction ........................................................................................................................................... 1 

1.1. Background of Thermal Barrier Coating system ........................................................................... 1 

1.2. Identified gaps in the literature ...................................................................................................... 3 

1.2.1. Stress models .......................................................................................................................... 3 

1.2.2. Failure mechanism analysis ................................................................................................... 5 

1.3. Research objectives ....................................................................................................................... 8 

1.4. Thesis outline ................................................................................................................................. 9 

1.5. Contributions of the thesis ........................................................................................................... 10 

2. Literature review of TBCs .................................................................................................................. 11 

2.1. Microstructural characteristics of TBCs from APS and EB-PVD deposition methods ............... 11 

2.2. The state-of-art durability analysis of two coating systems ......................................................... 14 

2.2.1. Stress analysis ...................................................................................................................... 15 

2.2.2. Failure Mechanism analysis ................................................................................................. 26 

3. Stress Models for Electron Beam-Physical Vapor Deposition Thermal Barrier Coatings Using 

Temperature-process-dependent Model Parameters ................................................................................... 41 

Abstract ................................................................................................................................................... 42 

3.1. Introduction.................................................................................................................................. 43 

3.2. Compilation of Parameters and Integration in FE Models Using Experimental Data under Thermal 

Cyclic Condition ..................................................................................................................................... 45 

3.2.1. Simulation of thermal properties for different layers under the cyclic thermal condition ........ 45 

3.2.2. Creep, swelling and inelastic behavior of BC/TGO layers during the high-temperature process

 ............................................................................................................................................................ 54 

3.2.3. Temperature-process dependent geometrical parameters ......................................................... 57 



VI 

 

3.3. Finite Element Model .................................................................................................................. 69 

3.3.1. TBCs morphology ................................................................................................................ 69 

3.3.2. Transversely isotropic YSZ materials for TC ........................................................................... 71 

3.3.2. Phase transformation and oxidation model .......................................................................... 74 

3.4. Results and discussion ................................................................................................................. 79 

3.4.1. The comparison of stress states obtained from the model with different assumptions under 

the same roughness profile .................................................................................................................. 79 

3.4.2. Failure mechanism analysis based on the calculated stresses under different roughness 

approximation ..................................................................................................................................... 87 

3.5. Conclusions................................................................................................................................ 100 

4. The Effect of Interfacial Roughness on Residual Stresses in Electron Beam-Physical Vapor 

Deposition of Thermal Barrier Coatings ................................................................................................... 102 

Abstract ................................................................................................................................................. 103 

4.1. Introduction................................................................................................................................ 104 

4.2. Compilation of parameters and integration into FE models using experimental data under 

thermal cycles ....................................................................................................................................... 105 

4.3. FE model .................................................................................................................................... 107 

4.4. Results and discussion ............................................................................................................... 107 

4.4.1. Parametric study of the effect of local geometrical parameters on stress distribution of TBC

 107 

4.4.2. Generalized imperfection model and the impact of distance between imperfections on stress 

distributions ....................................................................................................................................... 118 

4.4.3. The effect of stress distribution on positions of cracks within TC and TGO layers .......... 130 

4.5. Conclusions................................................................................................................................ 142 

5. Crack Driving Forces of Atmospheric Plasma Sprayed-Thermal Barrier Coatings under Burner 

Cycling and Isothermal Furnace Cycling Testing Conditions .................................................................. 143 

Abstract ................................................................................................................................................. 144 

5.1. Introduction................................................................................................................................ 145 



VII 

 

5.2. Compilation of parameters describing the thermal history, life data and interfacial geometry of 

APS-TBCs ............................................................................................................................................ 147 

5.3. Analytical models for evaluating energy release rate under different thermal cyclic experiments

 152 

5.3.1. Analytical models for TC ERR generated due to CTE mismatch ...................................... 153 

5.3.2. Analytical models for TGO ERR generated due to TGO growth ...................................... 162 

5.3.3. Analytical models for TC ERR generated due to thermal gradient ................................... 163 

5.3.4. Analytical models for TC ERR generated due to Thermal shock ........................................... 169 

5.4. Results and discussion ............................................................................................................... 170 

5.4.1. Calculated TC equivalent energy release rate generated due to CTE mismatch ................ 171 

5.4.2. Calculated TGO equivalent energy release rate generated due to TGO growth ................ 176 

5.4.3. Calculated TC equivalent energy release rate generated due to thermal gradient for burner 

cycling test ........................................................................................................................................ 181 

5.4.4. Calculated TC equivalent energy release rate generated due to thermal shock for burner 

cycling test ........................................................................................................................................ 186 

5.4.5. Calculated equivalent energy release rate as function of calculated depth ........................ 189 

5.5. Conclusions................................................................................................................................ 194 

6. The evolution of progressive erosion rates of EB-PVD TBCs under thermal cycling conditions based 

on a stochastic approach ........................................................................................................................... 196 

Abstract ................................................................................................................................................. 197 

6.1. Introduction................................................................................................................................ 198 

6.2. Analytical models for evaluating the erosion rates under different thermal cycling experiments

 199 

6.2.1. Parameters affecting deformation wear kinetic energy ε ................................................... 202 

6.2.2. Parameters affecting cutting wear kinetic energy ϕ ........................................................... 204 

6.2.3. Stochastic erosion process for EB-PVD TBCs under thermal cycling conditions ............. 207 

6.3. Model parameters under thermal cycles .................................................................................... 209 

6.3.1. Temperature profile for thermal cycling conditions .......................................................... 209 

6.3.2. Material properties of EB-PVD TC under thermal cycling conditions .............................. 210 



VIII 

 

6.3.3. Characteristics of cutting wear and deformation wear kinetic energy of EB-PVD TC under 

thermal cycling conditions ................................................................................................................ 221 

6.4. Results and discussions .............................................................................................................. 230 

6.4.1. Temperature-time dependent erosion rate during thermal cycling based on variation of 

erosion parameters ............................................................................................................................ 230 

6.4.2. Temperature-time dependent erosion rate during thermal cycling experiments based on 

variation of thermal cycling parameters ............................................................................................ 238 

6.5. Conclusions................................................................................................................................ 246 

7. Summary and Conclusions................................................................................................................ 248 

7.1. Development of stress models based on either numerical or analytical method——Research 

objective 1 ............................................................................................................................................. 248 

7.2. Failure mechanism analysis based on qualitative and quantitative evaluation——Research 

objective 2 ............................................................................................................................................. 249 

7.3. The development of solid particle erosion model based on EB-PVD TBCs——Research 

objective 3 ............................................................................................................................................. 250 

8. Future works ..................................................................................................................................... 251 

References ................................................................................................................................................. 253 

Appendix A - Supporting document for journal paper 3 in chapter 5....................................................... 276 

A.1. Compilation of parameters and integration into analytical models using experimental data under 

thermal cycles ....................................................................................................................................... 276 

A.1.1. Characteristics of material properties affected by pre-heat treatment .................................... 276 

A.1.2. Characteristics of material properties affected by thermal cycling experiments ................... 282 

A.1.3. Characteristics of parameters affected by geometry of APS-TBCs ....................................... 293 

A.2. Analytical models for evaluating the energy release rate under different thermal cycling 

experiments ........................................................................................................................................... 296 

A.2.1. Analytical models for TGO ERR generated due to TGO growth .......................................... 296 

A.2.2. Analytical models for TC ERR generated due to thermal gradient........................................ 299 

A.2.3. Analytical models for TC ERR generated due to Thermal shock .......................................... 310 

Appendix B - Supporting document for journal paper 4 in chapter 6 ....................................................... 315 



IX 

 

B.1. Parameters 
0 , , ,n    characterizing the erosion behavior of EB-PVD TC .............................. 315 

B.1.1. Erosion curves and parameters characterizing the erosion behavior of EB-PVD TC at RT and 

540℃ ................................................................................................................................................ 317 

B.1.2. Erosion curves and parameters characterizing the erosion behavior of EB-PVD TC at 910℃

 .......................................................................................................................................................... 320 

B.2. Determining the critical velocity and the effect of sintering of TC on the kinetic energies .......... 323 

B.3. Model validation ........................................................................................................................... 329 

B.3.1. Validation of temperature dependent erosion behavior .......................................................... 329 

B.3.2. Validation of sintering time-dependent erosion behavior ...................................................... 334 

 

  



X 

 

List of Figures 

Figure 1 Typical microstructure of APS-TBCs, the intra/intersplat voids could be observed within 

topcoat that lower the conductivity of topcoat [32].................................................................... 11 

Figure 2 Typical microstructure of EB-PVD TBCs, topcoat shows the columnar structure with vertical 

cracks [32]. .................................................................................................................................. 13 

Figure 3 Schematic of the three potential modes of delamination of a TBC in the presence of a thermal 

gradient [127] .............................................................................................................................. 17 

Figure 4 Stress in the oxide (a) parallel to the direction of loading and (b) perpendicular to the direction 

of loading [132] ........................................................................................................................... 20 

Figure 5 The schematic diagram of cracking pattern in different layers of TBCs as a consequence of 

residual stress distribution developed around the imperfections (a) Cracks develop within the TC 

layer (b) Cracks penetrates the TGO layer (c) Cracks coalescence marking the failure of TBCs 

[93] .............................................................................................................................................. 27 

Figure 6 A schematic diagram to show the cracking style of the YSZ near the undulation troughs. MO 

stands for the mixed oxide [147] ................................................................................................. 33 

Figure 7 Surface morphologies of the TBCs after thermal shock for (a) 1000 °C/284 cycles, (b) 

1050 °C/142 cycles, (c) 1100 °C/41 cycles and (d) 1200 °C/5 cycles, showing different spallation 

mode at different temperatures: the YSZ coating has spalled in the gray region [150] .............. 37 

Figure 8 Definition of the transversally isotropic material axis within the bond coat material [32] .. 46 

Figure 9 In-plane elastic modulus of TC in EB-PVD coating as a function of time at 1151 °C [138].

 .................................................................................................................................................... 47 

Figure 10 The out-of-plane elastic modulus of TC in EB-PVD coating with respect to time ............ 48 



XI 

 

Figure 11 The ratio of the out-of-plane elastic modulus over the in-plane modulus with respect to time

 .................................................................................................................................................... 49 

Figure 12 Temperature variation used in simulations under cyclic thermal conditions ..................... 51 

Figure 13 In-plane elastic modulus under cyclic thermal condition ................................................... 52 

Figure 14  Out-of-plane elastic modulus under cyclic thermal condition ......................................... 52 

Figure 15 The general trend of elastic moduli as a function of time under cyclic thermal condition 

(10000 min) (a) in-plane (b) Out-of-plane .................................................................................. 53 

Figure 16 The experimental data of temperature-dependent yield stress of BC [67] together with a 

fitting curve ................................................................................................................................. 56 

Figure 17 The experimental data of temperature-dependent yield stress of TGO [170]together with a 

fitting curve ................................................................................................................................. 57 

Figure 18 Schematic diagram of interfacial roughness profile simulated according to APS-TBCs [66]

 .................................................................................................................................................... 58 

Figure 19 Bond coat surface morphology and profile along the marked line before (a) and after (b) grit 

blasting [53] in EB-PVD TBCs .................................................................................................. 59 

Figure 20 Higher magnification images showing ratcheting imperfections with (a) elliptical and (b) 

triangular topologies [148] .......................................................................................................... 60 

Figure 21 Mean amplitude of roughness with respect to the number of cycles at different temperatures 

[91] .............................................................................................................................................. 62 

Figure 22 Two ways of equivalent simulated roughness profile according to SEM images .............. 62 



XII 

 

Figure 23 Schematic diagram of interfacial roughness profile approximated in the form of a triangle

 .................................................................................................................................................... 63 

Figure 24 The width of the bottom-side approximated by an isosceles triangle as a function of the 

number of cycles and temperatures ............................................................................................. 64 

Figure 25 Schematic diagram of interfacial roughness profile approximated in the form of an ellipse

 .................................................................................................................................................... 65 

Figure 26 The long axis's width approximated by ellipse as a function of the number of cycles and 

temperatures ................................................................................................................................ 66 

Figure 27 The average TGO thickness for (a) the entire thermal cycles, (b) for two cycles and (c) TGO 

growth rate for two cycles with respect to the number of cycles at different temperatures ........ 69 

Figure 28 Typical FE mesh used in the TBC model for a bond coat surface roughness ratio. 

0.5992A W   .......................................................................................................................... 70 

Figure 29 Details about interfacial morphology simulated at 177 cycles from cyclic thermal experiment, 

the roughness profile is characterized in the form of a triangle .................................................. 71 

Figure 30 The internal variable f for sublayers 17 and 18 as a function of temperature and time ...... 78 

Figure 31 The position at the valley of TC where stresses are calculated from models with different 

assumptions ................................................................................................................................. 80 

Figure 32 The calculated stress at the valley of TC with the assumption of a stress-free at the beginning 

of thermal cycles (a) at low temperature(b) at high temperature, the stress decreases during the 

cooling process ............................................................................................................................ 82 

Figure 33 The calculated stress at the valley of TC with sintering elastic model, notice that the stress 

increase during the cooling process ............................................................................................ 83 



XIII 

 

Figure 34 The calculated stress at the valley of TC with the assumption of sintering elastic +Creep & 

swelling ....................................................................................................................................... 84 

Figure 35 The calculated stress at the valley of TC with an assumption of sintering elastic +Creep & 

Swelling + Plastic ....................................................................................................................... 85 

Figure 36 The maximum cooling stress calculated at the peak of BC (a) with plasticity incorporated 

(b) without plasticity incorporated into FE calculation ............................................................... 86 

Figure 37 Details about interfacial morphology simulated at 177 cycles from cyclic thermal experiment, 

the roughness profile is characterized in an ellipse ..................................................................... 87 

Figure 38 The out-of-plane residual stresses calculated at the valley of TC using (a) elliptical roughness 

approximation (b) triangular roughness approximation and at the peak of BC using (c) elliptical 

roughness approximation (d) triangular roughness approximation............................................. 89 

Figure 39 The out-of-plane total strain calculated at the valley of TC where residual stresses are 

estimated, together with residual thermal strain calculated from [95] ........................................ 90 

Figure 40 Out-of-plane residual stresses calculated at the valley of TC with different roughness profiles 

characterized at various stages in life cycles ............................................................................... 92 

Figure 41 The ratio of amplitude over width as a function of cycles for triangular-formed interfacial 

roughness .................................................................................................................................... 94 

Figure 42 The growth of the TGO as the system cycles and the growth of imperfections by ratcheting 

[124] ............................................................................................................................................ 96 

Figure 43 The separation occurred entirely along with the TGO/bond coat interface [52] ................ 97 

Figure 44 The possible failure mechanism of EB-PVD TBCs at late life cycle stages: Multi-layers 

cracks are identified .................................................................................................................... 99 



XIV 

 

Figure 45 The schematic diagram of positions where stresses are calculated, (a) the stresses within the 

TC and TGO layer, (b) the stresses within the BC layer .......................................................... 106 

Figure 46: Schematic diagram of individual interfacial roughness profile used for a parametric study 

where amplitude, width, TGO thickness as well as positions are illustrated for different layers.

 .................................................................................................................................................. 108 

Figure 47 Amplitude variation of (a) 0.5 A , (b) A and (c) 1.5 A  listed from left to right where the 

rest of the parameters are kept constant .................................................................................... 110 

Figure 48 Out-of-plane residual stresses at the valley of TC with different roughness amplitude as 

thermal cycle proceeds .............................................................................................................. 110 

Figure 49 Out-of-plane residual stresses at peak of BC with different roughness amplitudes as thermal 

cycle proceeds ........................................................................................................................... 111 

Figure 50 Width variation of (a) 0.5W  (b) W and (c) 1.5W listed from top to bottom where the 

remaining parameters are kept constant .................................................................................... 113 

Figure 51 Out-of-plane residual stresses at the valley of the TC with different roughness width versus 

thermal cycle ............................................................................................................................. 114 

Figure 52 Out-of-plane residual stress at the peak of BC with different roughness width as thermal 

cycle proceeds ........................................................................................................................... 115 

Figure 53 Out-of-plane tensile stresses calculated at the valley of the TC as a function of time at various 

positions .................................................................................................................................... 116 

Figure 54 Out-of-plane tensile stresses calculated at the ridge of the BC as a function of time at selected 

positions .................................................................................................................................... 117 



XV 

 

Figure 55 Schematic diagram describing the relationship between tortuosity and width of interfacial 

roughness imperfection for a single imperfection ..................................................................... 119 

Figure 56 Schematic diagram describing the relationship between tortuosity and width of interfacial 

roughness imperfection for multiple imperfections .................................................................. 120 

Figure 57 Different models used to describe the interfacial roughness profile (a) Continuous roughness 

model, (b) Transitional roughness model, (c) Generalized roughness model ........................... 121 

Figure 58 Profiles of the metal/oxide interface extracted from cross-sectional images at various stages 

of thermal cycling, illustrating the continuous evolution of interface morphology during cyclic 

exposure [148] .......................................................................................................................... 122 

Figure 59 Global spacing parameter D  and local width of imperfection 
LW as a function of the 

number of interfacial imperfections .......................................................................................... 125 

Figure 60 Interfacial roughness profile for different spacing between imperfections ...................... 127 

Figure 61 Results of the calculated out-of-plane thermal stresses within the TC with respect to spacing 

between imperfections .............................................................................................................. 128 

Figure 62 Generalized roughness model using a randomly distributed roughness profile ............... 130 

Figure 63 Out-of-plane residual cooling stresses calculated at the valley of TC as a function of time 

with several selected positions using 1.5A roughness amplitude .............................................. 132 

Figure 64 Out-of-plane residual cooling stresses calculated at the valley of the TC as a function of time 

at several positions using the transitional roughness model ..................................................... 133 

Figure 65 Failure of an EBPVD TBC system driven by a cyclic instability in the thermally grown 

oxide layer[32] .......................................................................................................................... 135 



XVI 

 

Figure 66 Valley stress at the tip of the bottom at the valley of the TC obtained ............................. 138 

Figure 67 The out-of-plane cyclic residual stress within the TGO layer using a model with small 

roughness imperfections under cyclic thermal conditions ........................................................ 139 

Figure 68 The maximum residual stress calculated within the TGO close to the TC /TGO interface

 .................................................................................................................................................. 140 

Figure 69 The maximum residual stress calculated within the TGO close to the TGO/BC interface

 .................................................................................................................................................. 141 

Figure 70 The schematic diagram identifying the parameters used .................................................. 148 

Figure 71 Temperature profile calculated by equation (43) for burner cycling test (a) Temperature 

calculated at TC/BC surface (b) Temperature gradient within TC ........................................... 149 

Figure 72 Temperature profile for isothermal furnace cycling test .................................................. 150 

Figure 73 Life cycle of APS-TBCs under (a) burner cycling test (b) isothermal furnace cycling test 

with respect to different pre-oxide TGO thickness [184] ......................................................... 151 

Figure 74 The variation of maximum tensile zone as function of TGO thickness ........................... 159 

Figure 75 Schematic of the three potential modes of delamination of a TBC in the presence of a thermal 

gradient [127] ............................................................................................................................ 164 

Figure 76 The equivalent CTE ERR as function of pre-oxide TGO thickness for isothermal furnace 

cycling test and burner cycling test ........................................................................................... 172 

Figure 77 the calculated average CTE ERR as function of number of cycles with respect to different 

pre-oxide thickness for burner cycling test ............................................................................... 174 



XVII 

 

Figure 78 the calculated average CTE ERR as function of number of cycles with respect to different 

pre-oxide thickness for isothermal furnace cycling test ............................................................ 175 

Figure 79 The equivalent TGO ERR as function of pre-oxide TGO thickness for isothermal furnace 

cycling test and burner cycling test ........................................................................................... 176 

Figure 80 the calculated average TGO ERR as a function of number of cycles with respect to different 

pre-oxide thickness for burner cycling test ............................................................................... 178 

Figure 81 the calculated average TGO ERR as function of number of cycles with respect to different 

pre-oxide thickness for isothermal furnace cycling test ............................................................ 179 

Figure 82 The equivalent thermal gradient ERR as a function of pre-oxide TGO thickness for burner 

cycling test assuming (a) insulated cracks (b) edge delamination crcaks within TC ................ 182 

Figure 83 The equivalent thermal gradient ERR developed upon cooling as function of pre-oxide TGO 

thickness for burner cycling test ............................................................................................... 184 

Figure 84 The thermal gradient ERR developed upon cooling as function of time for different pre-

oxide TGO thickness ................................................................................................................. 185 

Figure 85 The equivalent total thermal gradient ERR as function of pre-oxide TGO thickness for 

burner cycling test ..................................................................................................................... 186 

Figure 86 The equivalent thermal shock ERR as function of pre-oxide TGO thickness for burner 

cycling test ................................................................................................................................ 187 

Figure 87 The thermal shock ERR developed upon (a) heating (b) cooling as function of time for 

different pre-oxide TGO thickness ........................................................................................... 188 



XVIII 

 

Figure 88 the equivalent ERR as function of calculated distance away from TC/TGO interface under 

burner cycling test due to (a) CTE misfit (b) TGO growth (c) thermal gradeint (d) thermal shock

 .................................................................................................................................................. 191 

Figure 89 the equivalent ERR as function of calculated distance away from TC/TGO interface under 

iaothermal furnace cycling test due to (a) CTE misfit (b) TGO growth ................................... 193 

Figure 90 Erosion map for EB PVD TBCs eroded with silica [216] where red spot marks the case for 

erodent with impact velocity 300m/s and average diameter 60μm ........................................... 206 

Figure 91 The schematic diagram of stochastic process ................................................................... 207 

Figure 92 The surface temperature profile of EB-PVD TBCs [184] ................................................ 210 

Figure 93 Density of YSZ TC as function of time (a) for first three cycles (b) full 300 cycles ....... 213 

Figure 94 The variation of Vickers hardness during high temperature dwell time at 1400oC due to 

sintering effect, together with experimental data in [40] .......................................................... 215 

Figure 95 Calculated temperature process-dependent TC hardness for first three cycles (a) in-plane 

Vickers hardness (b) Out-of-plane Vickers hardness ................................................................ 218 

Figure 96 The yield strength of 7-YSZ as a function of temperature [238] ...................................... 219 

Figure 97 The calculated yield strength of 7 YSZ TC of EB-PVD TBCs as a function of time (a) for 

three cycles (b) during high temperature dwell time ................................................................ 220 

Figure 98 The variation of kinetic energy for V=300m/s as a function of time (a) cutting wear in full 

cycle (b) deformation wear in full cycle (c) cutting wear with three cycle (d) deformation wear 

with three cycle ......................................................................................................................... 227 

Figure 99 the calculated erosion rate at the 10th cycle with impact velocity (a) V=300m/s (b) V=170m/s

 .................................................................................................................................................. 231 



XIX 

 

Figure 100 The calculated erosion rate as a function of cycles at impact velocities V=300m/s and 

V=170m/s .................................................................................................................................. 233 

Figure 101 The calculated erosion as a function of accumulated mass at different number of cycles

 .................................................................................................................................................. 235 

Figure 102 The calculated erosion rate as function of impact angle α for different number of cycles

 .................................................................................................................................................. 237 

Figure 103 The calculated erosion rate as function of ratio of high temperature dwell time over total 

time for different number of cycles ........................................................................................... 240 

Figure 104 Calculated erosion as function of accumulated mass with various of ratio of high 

temperature dwell time over total cycling time ratio at different stage of thermal cycles (a) N=10 

(b) N=300 .................................................................................................................................. 242 

Figure 105 Calculated erosion as function of impact angles with various of ratio of high temperature 

dwell time over total cycling time ratio at different stage of thermal cycles (a) N=10 (b) N=300

 .................................................................................................................................................. 245 

Figure 106 The thickness of pre-oxide TGO layer after isothermal pre-treatment at 1080℃ .......... 278 

Figure 107 The increase of TC elastic modulus as function of sintering time under different 

temperatures .............................................................................................................................. 279 

Figure 108 the calculated equivalent sintering time as function of preheat treatment sintering time

 .................................................................................................................................................. 281 

Figure 109 Life cycle of APS-TBCs under (a) burner cycling test (b) isothermal furnace cycling test 

with respect to different pre-oxide TGO thickness [184] ......................................................... 283 



XX 

 

Figure 110 (a) Calculate TGO thickness using experimental data in [184] for parameter fitting (b) 

calculated TGO thickness for isothermal furnace cycling test with elevated temperature at 1120oC

 .................................................................................................................................................. 286 

Figure 111 The elastic modulus of TC calculated at different positions with pre-oxide thickness of 

1.3μm (a) for first three cycles (b) during high temperature dwell period ................................ 289 

Figure 112 The elastic modulus of TC calculated at different positions with different pre-oxide 

thickness under isothermal furnace test (a) for first three cycles (b) during high temperature dwell 

period ........................................................................................................................................ 290 

Figure 113 Yield strength of bulk 7YSZ material [238] ................................................................... 292 

Figure 114 The calculated yield strength of 7YSZ TC as function of thermal cycling time ............ 293 

Figure 115 The process-dependent isothermal crack length as a function of time (a) Pre-oxide TGO 

thickness less than critical TGO thickness (5.5μm) (b) Pre-oxide TGO thickness more than 

critical TGO thickness (5.5μm)................................................................................................. 295 

Figure 116 the calculated compliance coefficient a11 as function of thermal cycles for different pre-

oxide thickness .......................................................................................................................... 301 

Figure 117 Calculated average aij as function of pre-oxide thickness (a) a11 (b) a22......................... 302 

Figure 118 the calculated compliance coefficient c12 as function of thermal cycles for different pre-

oxide thickness .......................................................................................................................... 303 

Figure 119 Calculated average cij as function of pre-oxide thickness (a) c11 (b) c12 (c) c21 (d) c22.... 305 

Figure 120 A schematic of the tri-layer coating system identifying the parameters used ................ 307 



XXI 

 

Figure 121 The dimensionless quantity that used as parameters characterizing the inhomogeneity in 

TC as function of time: for Â  upon (a) heating (b) cooling and for Î  upon (c) heating (d) 

cooling....................................................................................................................................... 313 

Figure 122 the calculated erosion rate of EB-PVD TC under impact of silica particles at RT 

temperature ............................................................................................................................... 319 

Figure 123 the calculated erosion rate of EB-PVD TC under impact of alumina particles at 540℃ 

 .................................................................................................................................................. 319 

Figure 124 the experimentally measured erosion rates at 910℃ with fitting curve used to obtain the 

cutting wear kinetic energy ϕ .................................................................................................... 321 

Figure 125 the calculated erosion rate of EB-PVD TC under impact of silica particles at 910℃.... 322 

Figure 126 The calculated critical impact velocity of EB-PVD TC (a) as function of time for three 

cycles (b) as function of number of cycles................................................................................ 324 

Figure 127 the schematic diagram of sintering crack developed within TC [127] ........................... 325 

Figure 128 Calculated critical through-thickness fracture toughness as function of crack length .... 327 

Figure 129 Sintering crack length as function of high temperature dwell time ................................ 328 

Figure 130 Calculated erosion rates as function of impact angles at first thermal cycle for different 

temperatures with erosion rates measured experimentally [224] using (a) impact velocity 170m/s 

(b) impact velocity 300m/s ....................................................................................................... 331 

Figure 131 The calculated ratio of cutting wear over deformation wear as function of (a) different 

impinging angles (b) various of temperatures ........................................................................... 333 

Figure 132 Calculated erosion as function of high temperature sintering time with erosion measured 

experimentally [216] for different accumulated mass (a) M=0.5g (b) M=0.8g (c) M=1g ........ 336 



XXII 

 

List of Tables 

Table 1 The elastic modulus variation as temperature changes [94] .................................................. 49 

Table 2 The definition of orthotropic elasticity by specifying the engineering constants .................. 72 

Table 3 The roughness parameters used in FE models characterized from five stages of life cycles. 92 

Table 4  Reference set of roughness parameters used in the FE model at N=177 hours at 1151oC [91].

 .................................................................................................................................................. 109 

Table 5 Parameters used in FE analysis in terms of the global spacing parameters ......................... 125 

Table 6 The parameters of silica erodent at ambient temperatures ................................................... 211 

Table 7 Fitting parameters used in calculation of Vickers hardness ................................................. 216 

Table 8 Calculated fitting parameters   ,  based on deformation wear/ cutting wear kinetic energy 

ε ................................................................................................................................................. 222 

Table 9 Fitting parameters used in calculation of kinetic energies ................................................... 224 

Table 10 The experimentally measured erosion rates at with impact angle 90o for EB-PVD TC as 

function of temperatures [223] .................................................................................................. 228 

Table 11 Parameters used to calculate erosion rates for different impact velocities ........................ 232 

Table 12 Parameters used to calculate erosion rates for different impact velocities ........................ 234 

Table 13 Parameters used to calculate erosion rates for different impact angles.............................. 236 

Table 14 Parameters used to calculate erosion rates for different high temperature dwell time ...... 239 



XXIII 

 

Table 15 Parameters used to calculate erosion rates as function of accumulated mass with selected 

different high temperature dwell time and number of cycles.................................................... 241 

Table 16 Parameters used to calculate erosion rates as function of impact angles with selected different 

high temperature dwell time and number of cycles .................................................................. 244 

Table 17 Equivalent initial TGO growth time for isothermal furnace cycling test ........................... 284 

Table 18 The experimentally measured erosion rate of EB-PVD TBCs [223], [229] ...................... 315 

Table 19 Parameters characterizing the erosion behavior of EB-PVD TC at different temperatures

 .................................................................................................................................................. 322 

Table 20 Parameters used to calculate temperature-dependent fitting parameters ........................... 330 

Table 21 Parameters of experimental settings in [218] used to calculate sintering-dependent fitting 

parameters ................................................................................................................................. 334 

  



XXIV 

 

List of Abbreviations 

To simplify the description of key concepts in the context, abbreviation is used for terminologies 

including 

Abbreviations Full name 

TBCs Thermal Barrier Coating system 

APS-TBC 
 Atmospheric Plasma Sprayed-Thermal Barrier 

Coating 

EB-PVD TBC 
Electron Beam-Physical Vapour Deposition 

Thermal Barrier Coating 

TC topcoat 

YSZ Yttria (partially) Stabilized Zirconia 

BC bondcoat 

TGO Thermally grown oxide 

Pt-Al Platinum-modified-Aluminium (Coating) 



XXV 

 

MCrAlY Nickel-Cobalt-Chromium-Aluminum-Yttrium 

(overlay) 

FEA Finite Element Analysis 

CTE  Coefficient of thermal expansion 

ERR Energy Release Rate 

TMF Thermal Mechanical Fatigue (test) 

SEM   Scanning Electron Microscopy  

RMS  Root Mean Square 

RT Room Temperature 

 

 

  



XXVI 

 

Nomenclature 

Symbols used to define the physical implication of parameters in either analytical and numerical 

solutions are significant and are clearly stated below. It should be noted that a parameter can be defined 

with superscript (subscript) in specific conditions, e.g., considering the effect of thermal gradient and 

sintering on TC layer, the temperature-process-position dependent elastic modulus of TC is indicated by 

( ),TC TC y
E T t . For simplicity, the definition of generalized symbols are presented and tabulated below. 

Fitting parameters for each chapters are not demonstrated here. 

 

Symbols Physical implication 

Mechanical/Thermal properties of different layers  

E Elastic modulus 

κ Bulk modulus for EB-PVD TBC 

G (μ) Shear modulus for EB-PVD TBC (APS-TBC) 

 Density 

p Porosity 

  Poisson’s ratio 



XXVII 

 

α Coefficient of thermal expansion 

KIC Mode I Fracture toughness 

σY Yielding strength 

HV Vickers Hardness 

K Critical impact velocity from particle erosion 

r 
Radius of the contact point between erodent and 

target materials 

( ),T t , ( ),T t  

Temperature-process-dependent cutting wear 

kinetic energy and deformation wear kinetic 

energy 

  Pilling-Bedworth ratio for BC oxidation 

Geometrical parameters in TBCs 

H TC thickness 

dTGO TGO thickness 



XXVIII 

 

S(x) Roughness curve undulations 

β(x) Angle between the tangent to the roughness curve 

A Roughness amplitude 

W Roughness Width 

TL (L/L0) Tortuosity 

D Spacing parameter 

b (a) 

Sintering crack length developed parallel 

(perpendicular) to interface under isothermal high 

temperature dwell time 

y (g(y)) 
Positions for residual stress evaluations for EB-

PVD TBC (APS-TBC) 

Y Cracking tip geometrical parameter 

rN  Number of noticeable imperfections at interface 

Parameters controlling "external" environments (thermal cycling environments/Erosion particles) 



XXIX 

 

T Temperature profile 

ΔT 
Difference between instantaneous temperature to 

elevated temperature during dwell time  

t Time 

N Number of thermal cycles 

CO Oxygen concentration 

Rt 
The ratio of high temperature dwell time over 

total time in thermal cycles 

R Radius of spherical erosion particles 

V Velocity of erosion particles 

P Total number of impacts 

mi Individual mass of erosion particles 

αi Impact angle of erosion particles 

Calculated intermediate/final results 



XXX 

 

σ (σij) Residual stress (Cauchy stress tensor) 

εij Strain tensor 

F Force per length 

M Moment per length 

KI (KII) Mode I (Mode II) Stress intensity factor  

k

iG  Equivalent Energy Flux 

  Mode mixture 

er  Creep strain rate 

Dtr Inelastic stretching tensor 

f Normalized fraction of the oxidizing phase 

σV Equivalent Von Mises stress 

sij Deviatoric stress tensor 

S Fourth-order elastic compliance tensor 



XXXI 

 

T

Ve   Mean local dilatational strain 

Wt, (Wr) Erosion damage (Erosion rate) 

 



1 

 

1. Introduction  

 

1.1. Background of Thermal Barrier Coating system 

 

Thermal barrier coating systems (TBCs) have been used in the gas turbine engine industry as thermal 

isolators to protect substrate blades from severe service environments. For example, a massive thermal 

shock can be generated within a short period since the engine works at extremely high dwell 

temperatures during service. The TBCs are used to sustain high thermal gradients and provide adequate 

backside cooling that prolongs the lifetime of components [1]–[8]. Since the invention and introduction 

of TBCs to the turbine engine industry, many attempts have been made to fabricate coating constituent 

layers using a variety of deposition methods. Atmospheric Plasma Spraying (APS) and Electron Beam-

Physical Vapor Deposition (EB-PVD) are the most common approaches for TBC fabrication [9]–[14]. 

Although TBCs can be fabricated by other methods, such as Suspension Plasma-Spraying (SPS) [15]–

[21], Detonation-Spraying (DS)[22]–[26] and even High-Velocity Oxygen-Fuel (HVOF) [27], these 

other methods generate similar coating microstructures compared to those of APS and EB-PVD TBCs. 

The industrial sector still prefers TBCs fabricated by APS and EB-PVD since they typically display 

better performance and durability during service conditions.  

Typically, the TBCs are comprised of a ceramic topcoat (TC), a metallic bond coat (BC) and a 

substrate that needs to be protected by the coating. The TC layer consists of an 7-8% Yttria partially 

Stabilized Zirconia (YSZ) with low thermal conductivity, intermediate thermal expansion coefficient 

and high thermal shock resistance. Based on the difference of deposition methods, the capability of the 
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TC to sustain a high thermal gradient can vary [17], [28]–[34]. Meanwhile, the concept of strain-

tolerance is also integrated into the design of the TC to avoid instantaneous delamination of the topcoat. 

This might occur as large residual stresses could be generated on the topcoat/bond coat interface under 

thermal cyclic conditions [35]–[42]. The bond coat (BC) of TBCs is applied onto the substrate before 

topcoat deposition. The materials of the bond coat are preferably selected as either diffusion aluminide 

(Platinum-modified-Aluminium coating) or Nickel-Cobalt-Chromium-Aluminum-Yttrium overlay 

(MCrAlY). The bond coat serves as a layer of “glue” that holds the TC and substrate together. It is 

important to recognize that the degree of surface finish of the BC and the interfacial adhesion between 

TC and BC layers are significant to the durability of TBCs. Therefore, to strengthen interfacial adhesion, 

the bond coat is deliberately designed to be able to provide sufficient chemical and mechanical bonding 

[43]–[48] through post-processing such as heavy or light surface grit-blasting. The selection of such 

post-processing treatment depends on the topcoat deposition methods [49]–[55].  

The fabrication methods of the BC, such as by HVOF, APS, cold gas dynamic spraying (CGDS) 

and chemical vapor deposition, have a strong effect on its mechanical behavior and the oxidation of the 

TBCs. This is illustrated by the difference in TBC performance reflected by specific failure mechanisms 

and lifetime records, or characteristics of damage behavior during various thermal-mechanical tests [56]. 

Another important feature of the bond coat is its ability to prevent further progressive oxidation of the 

substrate under extremely high temperature service conditions. This is achieved by the formation of a 

thin protective dense oxide scale known as thermally grown oxide (TGO) [57]–[62]. The preferred 

continuous α-alumina scale is mainly formed at the BC surface due to the oxidation of the BC governed 

mostly by the inward diffusion of anions (oxygen ions or oxygen), where the BC acts as a sufficient 

aluminide reservoir to facilitate oxidation. However, this oxidation of the BC also results in a large 

residual stress as the TGO layer continuously thickens [63]–[68].  
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One possible failure mechanism suggests that at the initial oxidation stage, the transient oxides such 

as spinel nucleate first and grow fast, leading to crack formation and reduction of fracture toughness 

[69]–[77]. The spallation of the topcoat from the substrate signals the failure of the TBC, which could 

lead to severe damage of hot section components and failure of the turbine engine. Therefore, to better 

serve gas turbine engines, there is a need to understand failure mechanisms and to develop a reliable 

lifetime prediction model to estimate the average lifetime corresponding to various service conditions 

[4], [78]–[86]. Systematic studies need to be conducted on specific TBCs degradation since the failure 

mechanism and associated lifetime model critically depend on the TBC fabrication method. 

 

1.2. Identified gaps in the literature 

 

1.2.1. Stress models 

 

From a review of the literature (Chapter 2), the shortcomings of past analytical or numerical stress 

models are the way the parameters are implemented into the models. Either temperature-dependent or 

thermal process-dependent parameters were used in the stress analysis for previous studies. For example, 

the elastic modulus of the TC is implemented as temperature dependent behavior in a temperature 

variation from holding temperature to ambient temperature [82], [87], [87]–[91]. However, to the best 

of the candidate’s knowledge, no proposed model combines the effects of both temperature and thermal 

processes on the description of material properties of the TC. Similar shortcomings exist for description 

of BC and TGO materials involving the phase transformation, and the material properties for the 
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transitional layer (from pure metallic BC with oxidation-prone β phase to oxidation-resistant γ’ phase 

+ oxide). These combined effects have not been found in previous studies, and thus there could be a 

discrepancy for calculated stress from previous studies compared to the actual stress generated during 

phase transformation under thermal cyclic loading, especially with a long period of high temperature 

holding time. 

The effect of the evolution of interfacial roughness was investigated in many articles [18], [52], 

[53], [92], [93]. Nevertheless, the effect of the variation of interfacial roughness on the stress 

distribution has hardly been investigated. For EB-PVD TBCs, the evolution of interfacial roughness for 

a grit-blasting-smoothed interface between TGO/BC would increase the out-of-plane stress level at the 

peak within the BC. In extreme cases, the sharp tip can cause an abnormal stress level. 

Although some attempts have been made in previous research, it is difficult to establish analytical 

models by incorporating inelastic properties of materials into stress models. For example, creep and 

yielding behavior of TBCs, inelastic strain generated because of phase transformation due to BC 

oxidation, and swelling behavior due to unit cell expansion from metallic matrix to oxide matrix are not 

usually incorporated. This makes it difficult to accurately evaluate the lifetime of TBCs through stress-

based lifetime prediction models. 

Previous analytical stress models focused on evaluating the residual stresses close to the interface 

at designated positions, i.e., the trough or peak close to the interface. However, through-thickness cracks 

were identified from APS systems and hence the maximum stress was also identified at flanks of 

imperfections for both APS and EB-PVD TBCs via FE results [94], [95]. Therefore, it is necessary to 

evaluate the energy release rate at positions other than peaks and valleys of imperfections for potential 
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crack nucleation. However, to date no analytical solutions have been proposed to describe the stress at 

an arbitrary position within the TC of a 2D TBC model. 

 

1.2.2. Failure mechanism analysis 

 

Much research has been performed to identify the failure crack routes observed from cross-sectional 

areas of failed specimens. However, no clear evidence has been presented for crack initiation, nor crack 

propagation accompanied with stress variations related to the evolution of interfacial roughness. In other 

words, previous research has not established a clear connection between the residual stress that results 

from temperature process-dependent interfacial roughness models and failure mechanisms. 

The failure mechanism in previous research focused on the effect of localized imperfection-

triggered crack initiation and propagation but neglected the effect of global interfacial roughness 

variation at relatively large scale. The rumpling effect of the BC surface was considered to be a typical 

global failure mechanism of EB-PVD TBCs. However, there has been no consideration of the effect of 

global spacing parameters on the residual stress for void generation. That is, existing failure mechanism 

analysis neglects the effect of the evolution of global interfacial roughness. 

Past studies have focused on the failure mechanisms triggered by stress induced by CTE mismatch 

upon cooling and TGO growth during isothermal holding time. With interest in real service conditions, 

the effects of (i) thermal gradient generated during high temperature holding time and (ii) thermal shock 

resulting from rapid temperature variation on the durability of TBCs were gradually studied. However, 

there is a lack of studies that compare the two different types of experiments with the quantitative 
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evaluation of energy release rate (ERR) using existing analytical models. Are the failure mechanisms 

and crack routes from the two types of experiments identical? Is the same type of ERR responsible for 

crack initiation for experiments with and without thermal gradients? What is the influence of different 

high temperature holding time on the durability of TBCs for isothermal furnace cycling tests vs burner 

cycling tests? In other words, it is necessary to investigate the main factor that leads to failure under 

each type of experimental conditions. 

In addition, based on the results from failure mechanism analysis, further work can be expected 

where life of TBCs can be estimated through analytical or numerical methods. Past studies revealed the 

research challenges regarding development of lifetime prediction models. The accuracy of semi-

empirical lifetime prediction models still needs to be improved by incorporating temperature-process 

dependent parameters and developing methods to evaluate the lifetime based on specific failure 

mechanisms of TBCs. 

It is a challenge for either analytical or numerical lifetime models to predict the failure time under 

multiple failure mechanisms. For example, as will be described in section 2.2.2, the failure mechanism 

of APS-TBCs was considered to be experimentally-determined and can be described as the coalescence 

of multi-layer cracks at the valley of the TC, where out-of-plane tensile stress develops as the TGO 

thickens. The major driving forces of such TC spallation includes the ERR generated from CTE 

mismatch between layers upon cooling, as well as dilatational TGO growth stress developed during 

high temperature holding time. The type of crack driving forces, as well as crack routes were considered 

under isothermal cycling experiments, where thermal cycles consist of a relative long high temperature 

holding time with a relative slow heating and cooling rate during temperature variation. For a burner-

rig test with a short-duration high temperature holding time and rapid heating and cooling rate during 

temperature variation, additional through-thickness cracks were identified within the TC layer. The 
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effect of thermal gradient and thermal shock were introduced, and different crack routes were observed 

due to the interaction of multiple crack driving forces. This increased the difficulty of lifetime modelling. 

For EB-PVD TBCs, it was evident that spallation of the TC might be triggered by cracks either in the 

same layer (described as failure mode A in [96]) or penetrating through different layers (described as 

failure mode B in [96]). Speculation could be found in different publications claiming that these failure 

mechanisms were identified at different stages of life cycles [52], but none mentioned whether there 

was an interaction of crack propagation driven by different failure mechanisms. Thus, the functionality 

of lifetime models is still limited as the mode of crack propagation under multiple failure mechanisms 

is not well understood. 

To date, many different damage models have been developed for TBCs based on experimental data 

(isothermal/ thermal cyclic conditions). The damage model which will be described in section 2.2.2-

2.2.3 evaluated the proportionality of damage area over total damage. The damage can be estimated 

through internal factors like stress generated from CTE mismatch or TGO growth under thermal cyclic 

experiments. It also includes factors such as external forces applied to the TBCs as mechanical strains 

measured under thermal mechanical fatigue (TMF) tests. In real service conditions, there is inevitable 

intrusion or impacting of external particles and many studies have been done experimentally to 

determine the damage of CMAS intrusion and deposition at the surface of the TC [97]–[99]. However, 

there is a lack of analytical lifetime models that evaluate the effect of both internal and external factors 

on durability and lifetime. In addition, the analytical models that estimate progressive damage under 

real service thermal environments, or related work on the effect of thermal environment on damage 

progression are rarely found. 
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1.3. Research objectives 

 

Stress models: 

Research on stress models is separated based on different TBCs. Due to the complexity of estimating 

the stress distribution in EB-PVD TBCs, numerical FEA approaches are used to reveal the relationship 

between stress and different interfacial roughness profiles. The stress analysis will also be conducted 

for APS-TBCs. The development of analytical models is required to explicitly describe the relationship 

between each model parameter and their interactions.  

Objective 1: By using either analytical or numerical methods, the goal is to investigate the effect 

of the evolution of localized/global interfacial roughness on the residual stress distribution and on 

the failure mechanism/durability of TBCs during service conditions.  

Failure Mechanism Analysis 

The failure mechanism analysis also depends on different TBCs. The research work of identifying 

possible crack routes and failure mechanisms for EB-PVD TBCs takes advantage of FE results from 

stress analysis. The failure mechanism analysis based on APS-TBCs involves quantitative estimation 

of different crack driving forces under either isothermal furnace tests or burner cycling test with 

existence of thermal gradient.  

Objective 2: By using either analytical or numerical methods, the goal is to identify the crack 

driving forces and possible cracking routes that might be affected by the variation of interfacial 

roughness and different service conditions. 
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Solid Particle erosion model 

The damage model estimates the degree of damage of components in thermal environment based 

on specific damage sources which also reveals the stage of TBCs during the entire life cycle. 

Specifically, for solid particle erosion where parameters characterizing the erosion process are 

randomly distributed, the development of an erosion model combines the stochastic approach with the 

analytical expressions, where the amount of erosion is evaluated statistically following a probability 

distribution.  

Objective 3: Development of solid particle erosion model under a thermal environment simulating real 

service conditions with the assistance of a stochastic approach. 

 

1.4. Thesis outline 

 

Chapter 2 contains the literature review regarding the stress analysis and failure mechanism analysis 

based on APS and EB-PVD TBCs. Chapter 3 focuses on numerical finite element modelling to estimate 

the variation of residual stresses with evolution of localized interfacial roughness profile in EB-PVD 

TBCs under thermal cycling environment. Chapter 4 describes failure mechanism analysis via 

parametric study based on the numerical FE model developed in chapter 3 for EB-PVD TBCs under 

thermal cycling environment. Chapter 5 concentrates on estimating the energy release rates through 

analytical solutions for APS-TBCs under different thermal cycling environments. Chapter 6 evaluates 
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the damage generated by erosion of EB-PVD TC through analytical solutions under thermal cycling 

environments. Chapter 7 gives the summary and conclusions of the Ph.D. research work. 

 

1.5. Contributions of the thesis 

 

The contributions of the Ph.D. are demonstrated in chapter 3-6. A numerical FE model was developed 

based on EB-PVD TBCs, as described in chapters 3-4. The effect of evolution of localized/global 

interfacial roughness profile on residual stresses was found. Based on the results provided from stress 

analysis, a failure mechanism analysis was conducted based on EB-PVD TBCs. With a modified 

analytical model and experimental data, a failure mechanism analysis based on APS-TBCs was 

conducted and described in chapter 5. The discrepancy of energy release rates for TBCs under different 

thermal cycling experiments was revealed. The crack driving forces for TBCs under different working 

environments were suggested. The analytical approach was developed to evaluate the damage caused 

by solid particle erosion based on EB-PVD TBCs, as described in chapter 6. The effect of material 

properties and thermal environments on the erosion rates was identified. The damage caused by both 

“internal” and “external” factors were discussed based on different stages of various of thermal cycling 

experiments.   
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2. Literature review of TBCs 

 

2.1. Microstructural characteristics of TBCs from APS and EB-PVD deposition 

methods 

 

Typical microstructure from a cross-section of an APS-TBC specimen is observed by scanning electron 

microscopy (SEM) and shown in Figure 1. 

 

Figure 1 Typical microstructure of APS-TBCs, the intra/intersplat voids could be observed within topcoat 

that lower the conductivity of topcoat [32] 

The deposits consist of a multitude of pancake-like 'splats' called lamellae, formed by flattening of 

the liquid droplets. As the feedstock powders typically have sizes from micrometers to above 100 

micrometers, the lamellae have thickness in the micrometer range and lateral dimension from several 

to hundreds of micrometers. The geometrical parameters of lamellae (size and deposit position) are 



12 

 

determined by the impact of high speed YSZ particles bombarding the bond coat surface. These 

lamellae together with the small voids, such as pores, cracks and regions of incomplete bonding between 

lamellae, are the most significant factors that determine the microstructure of the topcoat, which in turn 

play a major role in chemical and mechanical properties of the topcoat. For example, the intersplat pores 

and voids formed by overlapping splats provide high strain tolerance. However, the high porosity of the 

topcoat due to the existence of intrasplat pores lowers strength; although it is through its low thermal 

conductivity that effective thermal isolation is achieved. In addition, the overall cost of APS-TBCs 

fabrication is much lower than TBCs deposited by EB-PVD. Thus, APS-TBCs have usually been used 

as an alternative land-based thermal isolator in land-based turbine applications. 

The bond coat of APS-TBCs is based on Nickel-Cobalt-Chromium-Aluminium-Yttrium coating 

(MCrAlY system), where the element “Y” stands for the yttrium that is used to improve the adhesion 

between the TGO and bond coat. The surface of the bond coat from APS-TBCs is typically rough 

compared to that of EB-PVD TBCs, where this roughness is designed to provide sufficient mechanical 

bonding between the topcoat and substrate.  

The TGO scale forms as a result of progressive oxidation of the bond coat. Apart from α-alumina 

grown between the topcoat and bond coat, it is observed that a heterogeneous TGO for the MCrAlY 

system is partially related to the oxidation of yttrium, which is easier to oxidize than other elements. 

Thus, the yttrium aluminum garnet or namely, peg observed from the cross-section of an SEM image 

usually indicates an area with high concentration of yttria. Typical microstructure from the cross-section 

of an EB-PVD TBC specimen is shown in Figure 2. The most attractive characteristic is the columnar 

grain structure, which grows normal to the ceramic-bond coat interface. This, along with segmentation 

vertical cracks could provide sufficient in-plane strain tolerance [100]–[105]. It is also found that a 

reduced thermal conductivity could be achieved in the presence of the columnar gaps and pores.  
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Figure 2 Typical microstructure of EB-PVD TBCs, topcoat shows the columnar structure with vertical 

cracks [32]. 

There are two different types of bond coats for EB-PVD TBCs, diffusion aluminide coating and 

MCrAlY overlay coating. The latter type of bond coat was discussed in the preceding section, as for the 

previous one, the bond coat usually consists of platinum modified diffusion aluminide (Pt-Al). The Pt 

is adopted into BC materials to provide better adhesion between the topcoat and substrate [106]–[108]. 

The surface of the bond coat, unlike the undulated interfacial profile of APS-TBCs, is smoothed by 

sand-blasting before further topcoat deposition. A smoother interface has been shown to reduce the 

effect of large imperfections on stress concentration at the interface between TC/BC layers, which could 

be one of reasons for EB-PVD coatings exhibiting longer lifetimes than PS YSZ coatings [109]. The 

type of TGO layer formed between the topcoat and bond coat depends on the selection of bond coat. 

As described in the preceding section, apart from typical α-alumina, the yttrium aluminum garnet is 

often observed for MCrAlY BC [32], [110]–[113]. However, it is seldomly reported to be found in the 

Pt-Al BC TBCs. 

It is shown that different microstructural features of TBCs result from their specific fabrication 



14 

 

process such as by APS and EB-PVD, and it is reported that improved performance could be achieved 

from TBCs fabricated by EB-PVD [17], [29], [34], [34]. For EB-PVD TBCs, the external porosity and 

vertical growth-segmentation cracks between feather-like columnar structures provide more strain-

tolerance compared to APS-TBCs. The smoother surface at the interface between the TC and BC layer 

is capable of inhibiting out-of-plane residual stress at early stages of TBC lifetime, thus preventing the 

initiation of early horizontal cracks within the TC. Moreover, by incorporating Pt into BC materials, a 

better adhesion between topcoat and TGO could be achieved [114]–[116]. For solid particle erosion 

tests, EB-PVD-TBCs show better erosion resistance for the majority of angles (30o-90 o) of impact 

compared to APS-TBCs [17]. However, the designed microstructure from APS-TBCs also have some 

advantages on specific aspects. Due to a higher void content and a reduction in size of porosity within 

the TC, typically an APS structure exhibits lower thermal conductivity compared to EB-PVD [29]. 

Moreover, the relative rough interface observed between TC/TGO(BC) is believed to inhibit crack 

propagation since roughness causes crack propagation along the interface under mixed mode conditions, 

thereby increasing the energy dissipated during coating decohesion [117]. Therefore, both APS-TBCs 

and EB-PVD TBCs are still currently applied as high temperature protective coating systems on turbine 

blades in the aerospace industry.  

 

2.2. The state-of-art durability analysis of two coating systems 

 

Based on the fundamental knowledge of microstructure observations many attempts have been made 

on improving the durability of TBCs and their fabrication with longer life expectation [118]–[123]. 

Consequently, it becomes an essential issue to understand the failure mechanism with respective to 
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TBCs fabricated by different methods. On the one hand, one of the typical ways to conduct failure 

mechanism analysis is by obtaining the critical stress level at positions where either a crack is identified 

according to experimental results, or there is high possibility that crack might nucleate (e.g., the 

interfacial roughness with high radius of curvature). On the other hands, by modelling the stress 

generated under simulated thermal experiments, it is possible to quantitatively evaluate the damage 

progression, which in turn facilitates the development of life model for TBCs. The following sections 

describe the results of current work based on stress modeling, failure mechanism analysis and life model. 

 

2.2.1. Stress analysis  

 

Stress model: theoretical analysis 

Although there are many advantages to using numerical models for stress analysis, one disadvantage is 

that unlike analytical methods, FE modelling processes do not reveal the correlation between the 

estimated residual stress and material properties and geometrical parameters explicitly with 

mathematical expressions. Instead, implicit models are established, where the model parameters are 

varied and the stresses are evaluated in an iterative manner, thus requiring much computational effort. 

This problem could be partially addressed by using analytical solutions with integrated process-

dependent model parameters. In addition, analytical solutions offer a better understanding of the 

importance and connections of the roles played by combination of parameters in the model, which will 

be elaborated in the following. 
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Clarke et al [117] described the situation where a stress film was formed on a rough rather than a 

flat surface. To quantitatively evaluate the maximum tensile stress state at the peak of roughness, an 

idealized roughness model was applied by a sinusoidal variation in height and wavelength. 

Mao et al [124] proposed an analytical model describing the in-plane thermal residual stress 

behavior under thermal cyclic conditions with non-linear couple effects of temperature gradient, 

thermal fatigue, initial residual stress, elasto-plastic deformation and creep deformation. Evans [125] 

presented the preliminary results for stresses estimated from critical positions where a crack might 

initiate within the TC, TGO and BC, respectively. For the residual stresses caused by the coefficient of 

thermal expansion mismatch (CTE mismatch) between layers, the classical approach of the “Eshelby” 

protocol [126] was applied by allowing the strains to occur unconstrained and imposing the tractions to 

assure displacement and traction continuity [125]. Stress inversion was expected when the TGO 

thickness reached a critical value, which is identified at a valley of the TC in APS-TBCs [67], [81], 

[127]. Different from thermal residual stresses that are generated uniformly throughout the layer, the 

TGO growth stresses occurs predominately at one of the interfaces. Evan’s model focused on describing 

the residual stresses within different layers as a consequence of TGO growth with BC oxidation as 

indicated by the phase transformation from metallic BC to oxide TGO.  

Similar but different from the residual stress generated due to CTE mismatch between layers, stress 

is also generated due to the non-uniformity of temperature distribution within TBCs (thermal gradient). 

Hutchinson el at[128] suggested that the existence of a sufficiently large thermal gradient was one of 

the driving forces that triggered crack propagation at delamination planes of the TC, which led to 

spallation of the TC and failure of the TBCs. Two different crack modes were categorized, where 

analytical expressions for stress were developed with respect to each case: (Category I) thermal stress 

generated with existence of an isolated crack and thermal gradient or cracks extended to the free edges 
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or throughout the thickness, Figure 3 (top); (Category II) in-plane tensile thermal stress generated due 

to the sintering of the top layer of TC, where through-thickness cracks reoriented into delamination 

cracks propagating parallel to the interface, Figure 3 (bottom). 

 

Figure 3 Schematic of the three potential modes of delamination of a TBC in the presence of a thermal 

gradient [128] 

Choi et at[129] investigated the mechanisms of different scale buckling for EB-PVD TBCs. A 

critical buckling stress was developed for single layer films by considering the straight-sided blisters. 

For multi-layer system, there existed a critical buckling stress resultant which could initiate the large-

sized buckling (LSB) process. For each case described above, once either the stress or the stress 

resultant was greater than the critical stress or critical stress resultant, the associated energy release rate 

was applied for calculating the corresponding energy consumed for crack propagation. 
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Semi-empirical stress model: APS-TBC  

Ahrens et al [67]investigated the out-of-plane thermal residual stress generated as a consequence of the 

coefficient of thermal expansion mismatch between layers in APS-TBCs. The work focused on the 

stress distribution close to the interface where the interfacial roughness exerted a strong influence on 

stress level. Assuming the sinusoidal interfacial roughness profile characterized by roughness 

parameters, it is possible to establish an approximate relationship between the radial stress and the 

geometrical parameters of the bond-coat roughness. 

 Zhang et al [130] proposed a stress model for the top coat at the valley location for the wave-like 

TGO/top coat interface, which reflected a combined contribution of stresses from the bond coat and the 

TGO. The combination of the geometrical parameters was used to evaluate the influence of BC 

roughness on the thermal residual stress level at valley of TC. 

Schlichting et al [127] conducted an analysis based on failure modes in APS-TBCs where an 

analytical stress model was used to evaluate the radial stress at the interface between TGO/BC. 

Assuming the TGO becomes substantially thick relative to the BC radius where the BC itself was treated 

as a sphere according to Eshelby's model, the radial stress governed by the thermal-expansion 

coefficient mismatch between the top-coat and a composite of the BC and TGO was developed, which 

provides a way to evaluate the thermal stress at the interface between TC/TGO and BC composite 

without considering the residual stress distribution within TGO/BC layer. 

Beck et al [131] proposed two analytical stress functions to estimate the thermal stress within the 

TC and TGO as a consequence of lateral strain generated due to phase transformation from metallic BC 

to TGO oxide. These equations were integrated into life models at a secondary stage during cracking as 

crack propagation following linear elastic fracture mechanics. The function of the thermal residual 
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stress within the TC was proposed only considering pure elastic conditions where thermal strain was 

generated due to CTE mismatch between the TC and substrate during temperature drop from high 

temperature (Ductile Brittle transition temperature DBTT) to room temperature. The stress within the 

TGO layer induced by TGO growth was calculated by considering the volume change during metal-

oxide phase transformation, as well as additional strain induced by oxide formed at grain boundaries 

within the oxide layer.  

 

Semi-empirical stress model: EB-PVD TBC  

 

Busso et al [132] proposed a constitutive model that accounts for the phase transformation associated 

with the oxidizing phase and incorporated the effect of local volumetric expansion of the newly formed 

oxide in the generation of inelastic volumetric strains and stresses. A hypoelastic formulation for the 

oxidizing metal, which could account for non-isothermal effects, was expressed in terms of the Jaumann 

derivative of the overall aggregate stress. Balint et al [133] proposed a set of equations to evaluate the 

in-plane and out-of-plane stress rate of the BC, as well as the TGO layer generated under 

thermomechanical fatigue test (TMF). By integrating the material parameters and thermal history, as 

well as the applied external loading condition, the in-plane cyclic oxide stress was calculated. The stress 

demonstrated anisotropy parallel or perpendicular to the loading directions, Figure 4.  
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Figure 4 Stress in the oxide (a) parallel to the direction of loading and (b) perpendicular to the direction of 

loading [133] 

This introduced undulations in different directions where the roughness amplitude was inhibited by the 

in-plane tensile stress parallel to the loading direction (Figure 4(a)), but facilitated by the in-plane 

compressive stress perpendicular to the loading direction (Figure 4(b)).  

Zhao et al[134] investigated the residual stress generated as a consequence of CTE mismatch by 

using photoluminescence piezospectroscopy (PLPS). In their article, analytical expressions for 

evaluating the macro-stress, as well as the elastic modulus as a function of distance away from the 

TC/TGO layer were proposed. The equation for macro-stress was proposed using a peak-shifting 

parameter during PLPS measurement. It was concluded that both macro-stress and elastic modulus 

decreased from the interface to the TC surface. The same trend was observed comparing the stresses at 

different positions of the stressed TBC estimated by an indentation method that was determined by 

PLPS measurements.  
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Numerical models  

The challenge of stress estimation with analytical models is increased with complicated interfacial 

roughness, non-predictable evolution of mechanical/thermal properties, and difficulties estimating 

strain continuity at interfaces between layers. Numerical methods, especially the finite element method 

(FEM), could address those problems. Various software are used for TBC FE analysis including Ansys, 

ABAQUS, COMSOL etc., each with its own advantages although the coding process is similar.  

Typically, the difference between FE models is illustrated by different “modules” incorporated into 

FE calculations, for example different analytical expressions are used to describe the sintering process 

of the TC. There is a difference between stresses resulting from FE models that consider perfect elastic 

behavior vs elasto-viscoplastic behavior of the TC layer. Meanwhile, various methods of coupling the 

diffusion–constitutive framework for the bond coat oxidation process can be found in different 

publications [87], [88], [94], [135], [136]. More importantly, it is the type of TBCs that plays an 

essential role in determining the “module” incorporated into the FE model. For example, it is necessary 

to assume anisotropic material behavior for the TC deposited by EB-PVD, while isotropic material 

behaviors are assumed for the TC material in APS-TBCs. The factors frequently encountered in FE 

models are described in the following sections. 

APS  

Sfar et al [94] used Finite Element Analysis to numerically evaluated the thermal residual stress 

generated due to CTE mismatch between different layers of APS-TBCs, specifically, the stress 

generated close to the interface between TC/TGO and TGO/BC layers where horizontal cracks might 

nucleate and propagate parallel to the interface. The qualitative residual stress distribution was 

illustrated by FEA where the maximum tensile stress was presented at the tip of the TC close to the 
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interface, specifically upon heating. Sfar et al found that the valley position of the TC is always in a 

compression state, such that it was not considered as a critical cracking and crack propagation region. 

This was contradictory to conclusions obtained by others [87], [89], [90], [136]–[138] and explained 

further herein. Kyaw et al [137] improved the FE model by using the temperature dependent material 

properties and constitutive material model for the BC. The constitutive model was used for calculating 

the properties of aggregate BC from intermetallic phases while taking into account of temperature 

dependency of the MCrAlY creep. Kyaw et al found that the magnitude of stresses at the end of the 

cooling cycle were much greater than those at the end of steady state, and were much more significantly 

affected by geometry. In contrast to the conclusions drawn by Sfar et al [94], Kyaw et al considered 

that failure was not expected to be found at a peak of the BC, although higher tensile stresses can be 

found.  

Nayebpashaee et al [89] applied the actual microstructures of the TBC taken by a scanning electron 

microscope (SEM) into a computational model that was utilized as the representative volume elements 

(RVEs) in the FE analysis. The purpose of the study was to predict the temperature distribution and 

induced residual stress in TBCs due to a) blasting stresses b) stresses due to phase transformation in 

ceramic top-coat c) stresses due to rapid contraction of sprayed droplets of coating materials from 

spraying temperature to the underlying materials named “quenching stresses” d) stresses due to 

differences in thermal expansion coefficients in different layers of coating called “thermal stress”. In 

contrast to the conclusions drawn by Sfar et al [94], Nayebpashaee et al showed that the vertical cracks 

initiate at the valley of TC and propagate throughout the thickness of TC which is validated by vertical 

distributed tensile region calculated according to his FE results. Rösler el al[87] conducted a parametric 

analysis where the stress was obtained at the valley of the TC with integration of different creep 

parameters of TC and TGO layer, as well as various geometrical parameters where a sinusoidal 



23 

 

interfacial roughness was assumed. Despite cooling stress generated as a consequence of the CTE 

mismatch, the paper focused on stress generated due to TGO growth while relaxed by TC and TGO 

creep behavior during high temperature holding time.  

Rösler el al[138] described the factors that determine the cooling stress under thermal cylic 

conditions. The thermal stress induced by the coefficient of thermal expansion mismatch (CTE 

mismatch) was shown to increase the cooling stress within the TC, while the BC and TGO creep had 

oppositve behavior, which played an essential role in prolonging the lifetime of TBCs. However, the 

creep in BC during high temperature holding time was revealed to increase the stress level at the valley 

of TC layer, thus it was difficult to evaluate whether it was a beneficial or detrimental factor for TBC 

durability. This same conclusion was also reached from the candidate’s current ph.D. research work, as 

described in a journal paper attached in Appendix A. Another important conlusion drawn by Rösler el 

al [138] was the characteristic of strain-rate independent plasticity of the BC, which facilitates the TC 

cooling stress, leading to a larger value of residual stress at the end of cooling process. This was also in 

accordance with results obatained by current Ph.D. FE model and published in a journal paper given in 

chapter 4. The effect of BC oxidation on thermal stress within the TC layer was also revealed by Freborg 

[136] by considering the creep of the TC and BC layers, as well as interfacial geometrical roughness. 

The results should be understood at different time scales, as well as measured positions.  

Busso et al[135] established a method to describe the FE model for oxidation-induced degradation 

in PS-TBCs, along with the work in [139]. The oxidation of the BC was modelled by two parts, given 

by  

i. The fraction of progressive oxide over the total amount of aluminum reservoir, evaluated by internal 

variable based on nucleation kinetics and 
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ii.  The accompanying volumetric strain represented by the non-recoverable deformation rate induced 

by the oxidation of one of the metallic phases. 

The results of the FE model then estimate the critical stress at either the peak of the BC or the valley of 

the TC, using elastic-perfect plastic assumption described above.  

 

EB-PVD 

In general, the methodology used for FEA for EV-PVD TBCs is similar compared to that applied to 

APS-TBCs. However, there are still some considerations in modelling EB-PVD TBCs which are 

revealed by the anisotropic behavior of materials including the following:  

i. The difference in anisotropic material properties are presented compared to that of APS-TBCs, such 

as the elastic modulus of the TC and related anisotropic sintering and creep rate for the in and out-

of-plane directions. Busso et al [139] explained the theory of transversely isotropic elastic moduli 

based on the 2D EB-PVD TBC FE model and calculated the fourth order elastic compliance tensor. 

The sintering model was given by considering the effect of internal porosity and external porosity 

on the TC modulus during the sintering of the TC during high temperature dwell time. This also 

leads to time-dependent inelastic deformation, introduced by Coble creep [140]. 

ii. The issues related to different progressive oxidation mechanisms of different BC layer materials 

was addressed including platinum-modified-aluminum (Pt-Al) overlays compared to the MCrAlY 

applied as traditional APS BC materials [32], [95]. These result in differences in oxidation rate, 

creep rate of the BC layer and swelling rate of the TGO layer. Busso et al [135], [139] described 

the chemical reaction of the oxidation process based on the aforementioned BC materials, which 
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yields different values of true mean volumetric strain with respect to different TBCs. In addition, 

the anisotropic phase transformation from metallic BC to TGO oxide leads to the different phase 

transformation rate components normal and parallel to TGO interface [135], [139].  

iii. The irregular interfacial roughness profile can be profiled in the form of a sinusoidal curve as there 

are less “large roughness imperfections”. Cheng et al [62] applied the image of metallographic 

sections into the FE model, which generates the FE meshes based on actual interface geometries 

observed from cross-sectional SEM images. Zhang et al [115], [116] developed triangular-shaped 

interfacial roughness profiles into FE mapping in order to characterize the critical effect of stress 

concentration that could be raised due to the sharp tip at the peak/valley of imperfections. 

Measured stress 

Residual stresses within TBCs can be measured indirectly through non-destructive methods, for 

example the abovementioned PLPS [134] was used to estimate the residual stress through wavelength 

shifts of luminescence spectra. Xie et al [53] described a evolutional PLPS method and applied it to 

measuring the residual stress within the TGO layer. The effect of grit-blasting on the evolution of TGO 

stress under thermal cyclic experiments was summarized and it was demonstrated that the lifetime of 

the TBC with BC surface grit-blasted varies in a narrower range which was more “engineering-

preferred”. Liu et al [115] measured the residual stresses within TC and TGO layers using a non-

destructive approach via Raman spectroscopy (RS) and photo-stimulated luminescence piezo-

spectroscopy (PLPS), respectively. It was found that the substrate curvature had a strong effect on the 

TGO stress distribution where the sintering of the TC for EB-PVD TBCs (intra-columnar or inter-

columnar) were recorded by RS, which demonstrated two different types of Raman shifts. Tanaka et al 

[141] recorded the thermal stress measured within the TC along the through-the-thickness direction 
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using micro-Raman spectroscopy. By applying uniaxial compressive stress with specific Raman piezo-

spectroscopic coefficient, the residual stresses were found to be compressive and increased in 

magnitude, measured from close to the surface of the TC to deeper positions. According to the Tanaka 

et al, the method is promising due to its ability to measure stress inside columnar grain within the TC. 

This could make it possible to identify the potential failure mechanism by obtaining the inhomogeneous 

stress distribution by mapping Raman stress throughout the TC layer.  

 

2.2.2. Failure Mechanism analysis 

 

Typically, failure mechanism analysis is conducted based on experimental results with further 

assistance of analytical/numerical models which qualitatively and quantitatively evaluate the energy 

release rate (ERR) generated through cracking process [1], [52], [82], [96], [125], [127], [130], [142], 

[143]. The cross-sectional images of failed TBC specimens are observed by SEM where crack routes 

can be identified. Possible failure mechanisms are then proposed using analytical solutions, where 

failure of the TBCs is assumed when the calculated ERR is larger than the critical fracture toughness 

measured experimentally. Numerical methods are developed due to the complexity of the failure 

process where final failure of the TBC system might be due to interactions of several factors. With 

assistance of numerical methods such as finite element analysis (FEA) and with powerful computing 

abilities, it is possible to demonstrate failure mechanisms that cannot be predicted through traditional 

analytical methods. Therefore, failure mechanism analysis should be conducted combining the above-

mentioned methodologies together. Some failure mechanism analyses with classical theories are 

described below. 
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An early attempt was made by Clarke et al [117] based on the analysis of failure mechanisms for 

bi-layer film analysis, based on the mechanics of failure of thin, highly-stressed film on rough surfaces. 

With the analytical expressions proposed to describe the maximum out-of-plane stresses at the crest 

between the substrate and film layer, the elastic strain energy was developed and converted to the 

surface energy when a separation between film and substrate forms and extends at the interface. The 

classical theories for failure mechanism of tri-layer TBCs are based on several assumptions and 

geometrical approximations. Evans et al [125] described a general cracking route for TBCs considering 

a spherical imperfections as BC roughness profile, as shown in Figure 5. 

 

Figure 5 The schematic diagram of cracking pattern in different layers of TBCs as a consequence of 

residual stress distribution developed around the imperfections (a) Cracks develop within the TC layer (b) 

Cracks penetrates the TGO layer (c) Cracks coalescence marking the failure of TBCs [93] 
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The radial crack generated within the TC of Figure 5(a) is caused by tensile hoop stress developed due 

to TGO growth, where the analytical expression for growth stress within the TC is given. The analytical 

expressions for stress intensity factor at the crack tip for both inner 
TC

innerK  and outer crack edges 

TC

outerK  are given by 
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Here, R is redefined as an inner radius of curvature of BC imperfections and Ra  is the outer radius of 

the equatorial ring crack. Considering the crack generated as a consequence of thermal gradient within 

TBCs, Hutchinson et al [128] proposed analytical expressions for different cracking scenarios, Figure 

3. Based on stress analysis, the energy release rates were given for isolated cracks due to CTE mismatch 

between TC and substrate. In addition to existing cracks that trigger the delamination of TBCs with 

thermal gradients, another driving force which causes the formation of cracks is the sintering effect. 

Hutchinson el at[128] developed the energy release rate for the case of no elastic mismatch where the 

through-thickness energy release rate was evaluated. 

The situation described above considers the thermal gradient activated in a high-heat flux 

environment where equations in [128] do not apply to a system that is thermally cycled within a furnace 

or when tested in a burner rig. Such a condition, when the TBC experiences a thermal gradient during 

temperature change within a thermal cycle, was described in [144] where the energy release rate (ERR) 

for the edge delamination for different positions could be evaluated given the thermal gradient during 

the cooling period of the thermal cycle. The total energy release rate comprises the energy release rate 
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generated by CTE mismatch between layers, TGO growth accompanied by metal-oxide phase 

transformation, a thermal gradient between the TC surface and substrate, as well as thermal shock due 

to rapid-heating/cooling during thermal cyclic loading. In the presence of a thermal gradient, the ERR 

of thermal shock could be evaluated quantitatively through the approach by Fleck el al[145]. Similar 

expressions were used to evaluate the energy release rate and mode mixture generated due to thermal 

shock. However, the effect of thermal shock is applied throughout the thickness of the TC layer. This 

effect is captured by different approaches to obtaining the values of stress intensity coefficients 

compared to that calculated in the thermal gradient-triggered ERR. 

These theoretical analyses play an essential role in the development of failure theories and 

quantitative evaluations of crack driving forces using semi-empirical analytical solutions based on APS 

or EB-PVD TBCs. 

APS-TBCs  

YANAR et al [27] briefly summarized and compared typical failure mechanisms between APS and EB-

PVD TBCs. It was generally found that both TBCs were susceptible to delamination close to the 

interface between TC/TGO and TGO/BC layers due to TGO growth as a result of progressive oxidation 

of the BC layer. For APS-TBCs, the strong mechanical interlocking provided by specifically designed 

interfacial roughness would impede the crack propagation along the interface. However, the durability 

of APS-TBCs is weaker than that of EB-PVD TBCs, especially for failure of APS-TBCs occurring in 

the form of spallation at the TC/TGO interface. This is due to the inter-splat defects generated during 

the TC fabrication process, which are potential locations for horizontal crack initiation. The FE model 

conducted by Nayebpashaee et al [89] was also used for failure analysis. The representative volume 

elements (RVEs) simulating the actual microstructure based on observations from cross-sections of 
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failed specimens allow the FE software ABAQUS to yield convincing results. According to the 

resulting computed stresses, three possible failure mechanisms are expected and are listed below. 

I. A vertical crack might initiate at a peak of the TC/TGO interface and propagate normal to the 

interface from the surface of the TC. This crack might be generated when the in-plane tensile 

stresses are identified at an early stage of thermal cyclic experiments when the TGO is thin. 

II. The horizontal cracks propagating along the interface between TGO/BC nucleate once the out-

of-plane tensile stress at peak of roughness exceeds a critical value. This crack might be arrested 

when it reaches the compressive stress zone at the valley of the TC. 

III. The compressive stress zone becomes in tension as TGO thickens where neighboring cracks 

coalescence leading to spallation of the TC. 

Sfar et al[94] developed a FE model by integrating a pre-defined wavy defect within a peak of the 

TC close to the interface as a position for potential crack initiation. The modified crack closure integral 

method (MCCI) was proposed to evaluate the energy release rate (ERR) and crack propagation was 

assumed once the ERR for either mode I or mode II was greater than the critical ERR. However, the 

method was limited by the fact that only the crack in a certain configuration or under certain conditions 

was able to propagate. Tanaka et al [73] investigated the damage behaviour within a TGO layer under 

isothermal heating exposure for APS systems. Cr3t luminescence spectroscopy was applied to evaluate 

the evolution of the in-plane stress as TGO thickness and it was found that decreasing TGO stress with 

initial increasing time was correlated to the TGO thickness, and also to the local undulation of the TGO 

layer. The change of TGO stress measured by Cr3t luminescence spectroscopy is a good approach for 

investigation of local micro-damage evolution and is a promising non-destructive method for TBC 

examinations.  
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Another study related to the formation of TGO layer recorded by Chen et al [146] focused on the 

effect of the different types of pre-oxide TGO layers produced by different preheat treatments on the 

durability of TBCs. The generation of spinel which briefly discussed in section 1 [69]–[77], was 

prohibited by applying vacuum heat treatment (VHT) or low-pressure oxidation treatment (LPOT) prior 

to fabrication of the TC layer onto the BC layer. Thus, these techniques are expected to effectively 

minimize cracking within the TGO layer by limiting the formation of large amounts of detrimental 

spinel and in turn improve the durability of APS-TBCs. The FE analysis conducted by Rösler et al[90] 

focused on the position-dependent stress state and found that the maximum residual stresses generated 

either at valleys or peaks of imperfections were correlated to CTE mismatch developed upon cooling, 

and the swelling effect developed during high temperature holding time during thermal cycles. The 

swelling stress itself was balanced between swelling rate due to phase transformation from metallic BC 

to oxide TGO layer and creep strain that releases the stress during elevated temperatures. In other words, 

the durability of TBCs was improved by increasing the magnitude of the creep rate for TGO layers by 

reducing the grain size of the TGO layer thus lowering TGO stress developed during high temperature 

holding time.  

In addition to the abovementioned numerical FE method, Białas et al[88] applied the cohesive zone 

method at the BC/TGO interface to simulate the critical conditions for interfacial crack initiation and 

propagation. The FEA demonstrated that pre-existing interfacial defects facilitated micro-crack 

propagation parallel to the interface, where the progressive oxidation of the BC led to a tensile zone 

identified within the TGO layer. The final spallation was assumed when the crack penetration through 

the TGO layer occurred and neighbouring cracks coalesced at the valley of the TC while the TGO 

thickened.  
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Rösler el al[138] conducted FE analysis that revealed the failure of APS-TBCs might be correlated 

to the shift of maximum tensile stress from the peak of the BC to the valley of the TC. The maximum 

tensile stress which triggered the failure of TBCs was also evaluated by the critical TGO thickness 

where the induced growth stress during high temperature holding time facilitated the increase of the 

out-of-plane tensile stress at the valley of the TC. According to the FE analysis, the maximum tensile 

stress was further reduced by creep of the BC and TGO layer during the cooling process, which 

permitted a TBC specimen with thicker TGO layer and longer life span.  

A more detailed qualitative analysis on the failure mechanism of APS-TBCs involving the effect 

of creep of TC and BC, the growth of TGO as well as CTE mismatch was conducted by Freborg[136]. 

The numerical FE model calculated the thermal residual stress within the TC and BC layers with respect 

to different positions. The variation of stress states reveals that the failure mechanism of APS-TBCs 

was possibly dominated by cracking coalescence of : (1) the intial transverse crack at the peak of the 

BC at small TGO thickness in which the tensile stress was generated due to CTE mismatch between 

TC and BC layer; (2) the transverse crack found at the valley of the TC generated as a consequence of 

inverse tensile stress as the TGO thickened at later stages of thermal cycles. The coalescence of cracks 

penetrated the TGO layers and resulted in final failure of APS-TBCs.  

Dong et al [147] investigated the failure mechanism in the presence of thermal gradients for APS-

TBCs under thermal cyclic loading. It was found that similar cracking modes were identified between 

specimens under thermal cycling experiments regardless of the effect of thermal gradient where the 

majority of cracks within the TC were found to propagate along the non-bonded interface. As the TGO 

thickens, the crack positions gradually shift to the YSZ/BC interface. It was concluded that the cracking 

mode of APS-TBCs was not affected by the thermal gradient due to the similar cracking behavior 

identified with different thermal gradients applied to TBCs. In addition to the proposed analytical 
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solution evaluating the ERR of thermal gradient, other factors were analyzed for failure mechanisms 

based on APS systems. Li et at [148] suggested that the cracking path found within the TC could be 

significantly affected by pre-treatment of the BC layer which different types of oxides (preferred α-

alumina, spinel and Cr2O3-based oxide) identified at the interface between TC and BC. A failure 

mechanism for the cracking path of the mixed oxide was developed, Figure 6.  

 

Figure 6 A schematic diagram to show the cracking style of the YSZ near the undulation troughs. MO 

stands for the mixed oxide [148] 

The thickening of TGO layer led to the tension of YSZ surrounding the mixed oxide, which is typically 

identified at large protrusions at the interface of TC/BC. Such tension would facilitate the crack into the 

unbonded interface and even into non-molten YSZ porous particles until the associated energy release 

rate was alleviated and the crack was arrested. It was further suggested that the durability of TBCs 

would be improved by controlling the pre-treatment condition to allow the formation of a preferred 

dense, uniform α-alumina layer at the interface between TC and BC layers.  
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EB-PVD TBCs 

As mentioned in the previous section, the work done by YANAR et al [27] briefly summarized the 

difference in typical failure mechanisms between APS and EB-PVD TBCs. The EB-PVD TBCs 

demonstrates its better durability due to the strain-tolerance columnar microstructure and better 

cohesion between TC/BC layers. Yet the failure mechanism of EB-PVD TBCs involved multi-layer 

cracking. To be different to the failure mechanism of APS-TBCs, the approach to increase the durability 

of EB-PVD TBCs was to eliminate large rough imperfections and to smooth the surface of the BC, such 

as with a grit-blasting process applied before the TC fabrication. Yanar et al [51] identified the 

discrepancies of failure mechanisms of EB-PVD TBCs with different BC layers. It was also mentioned 

that the reason for multi-layer cracking found in EB-PVD TBCs is due to the interfacial roughness 

developed due to high temperature instability of the BC. The effect of BC surface geometry on the 

failure mechanism was further analyzed by Vaidyanathan et al [52], as well as the effect of the grit-

blasting process before TC fabrication. Two damage mechanisms are considered to be responsible for 

the final failure of EB-PVD TBCs. These are given as 

I. The localized debonding between TGO and BC caused by the out-of-plane residual stress 

generated at the peak of BC and concentrated at BC grain boundaries. 

II. Cavities formed at the TGO/BC interface generated as a consequence of cyclic plasticity of the 

BC during thermal cyclic loading conditions. 

Using damage mechanism and using fracture mechanics analysis, Vaidyanathan et al [52] showed 

that the flaw size produced by damage mechanism I reached the critical size for massive spallation of 

the TC/TGO layer. This critically sized flaw was attributed as the main failure mechanism of EB-PVD 

TBCs with grit-blasted BC at late stage of thermal cyclic experiments. Choi et al [129] developed failure 
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models based on edge-delamination and buckling-delamination of the EB-PVD TBCs. The difference 

in cracking routes between simplified single layer films and multilayer TBCs was described. The energy 

functions were given to quantitatively evaluate the buckling/edge-delamination with various cracking 

scenarios. As mentioned in the previous paragraph, the rumpling and ratchetting behavior 

accompanying the microstructure evolution at the interface is considered to be the critical factor in 

determining the durability of EB-PVD TBCs. Zhou et al[142] performed the investigation based on Pt-

Al BC under thermal cyclic loading conditions to give a better understanding of the variation of 

interfacial roughness, as well as progressive oxidation of the BC. By comparing the oxide growth rate, 

phase transformation rate, rumpling rate and stress relaxation within the TGO layer between the tri-

layer coating system (TC-BC-Substrate) and the bi-layer system (ONLY contains Pt-Al BC and 

substrate), experimental results showed the discrepancy between the two groups. This further explicitly 

demonstrated the detrimental effect of TGO growth and rumpling on the durability of EB-PVD TBCs. 

Another detailed analysis based on the rumpling/ratchetting effect of EB-PVD TBCs was conducted by 

Mumm et al [149]. The author considered that as the TGO displaces downward into the BC layer, the 

rumpling behavior occurred periodically and left voids/small defects at the interface between the 

TC/TGO layers. The stress intensity factor generated by the rumpling effect was approximated and 

provides a methodology to characterize the life model of EB-PVD TBCs in [96].  

Tolpygo et al [150] studied the degradation of interface between TC/TGO and BC/TGO layer and 

the parameters used to characterize the interfacial roughness quantified under thermal cyclic conditions. 

Photostimulated luminescence spectroscopy was used to study the degradation within the TGO layer, 

where the decrease of strain energy was explained by a convoluted TGO scale that corresponds to an 

increase in the degree of rumpling of the BC surface.  

The preceding sections showed that better performance could be achieved by EB-PVD system 
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compared to APS-TBCs, as there is a higher strain tolerance in the horizontal direction. This is partially 

due to the columnar microstructure of the TC where feathery morphology and segmentation cracks are 

vertical between neighbouring columns. However, the durability of EB-PVD decreases when the 

feathery morphology disappears with necking developed between adjacent columns. This phenomena, 

so-called sintering of EB-PVD TBCs, occurs especially during long periods of high temperature service 

conditions.  

Zhao et al [143] investigated the microstructure evolution and failure mechanism of EB-PVD 

TBCs that were affected by sintering during high temperature isothermal treatment. They measured 

elastic modulus of the TC as a function of measured depth (from the free surface of the TC) and high 

temperature exposure time, which provided useful experimental data. The cross-sectional images from 

the SEM indicated that microstructure with smaller columns underwent a higher sintering effect 

compared to larger column microstructure, thus necking generation led to a decrease in strain tolerance 

and early delamination within the TC layer.  

Li et al [151] focused on the effect of thermal shock on the failure mechanism of EB-PVD TBCs. 

Their studies revealed that different cracking routes could be expected from thermal shock tests with 

various holding temperatures. The difference between cracking routes identified with respect to short, 

intermediate and long-life groups could be explained by the discrepancies in the magnitude of driving 

forces generated due to CTE mismatch between layers and TGO growth. Figure 7(a)(b). 
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Figure 7 Surface morphologies of the TBCs after thermal shock for (a) 1000 °C/284 cycles, (b) 

1050 °C/142 cycles, (c) 1100 °C/41 cycles and (d) 1200 °C/5 cycles, showing different spallation mode at 

different temperatures: the YSZ coating has spalled in the gray region [151] 

Additionally, the phase study revealed that porous and brittle spinel formed during high temperature 

thermal shock tests facilitated horizontal crack propagation within the TGO along the interface. This 

degrades the durability of the TBCs and as consequence, the TC fails very rapidly.  

For all the abovementioned failure mechanisms, the failure criterion is defined as when the 

accumulated strain energy (Mode I or Mode II or mix mode) reaches a critical value. For example, a 

critical value can be the interfacial adhesion of TBCs, which is generally considered to be a material 

property and independent of thermal history. However, Wu [43] studied the oxide-BC interface by 

applying a unique cross-sectional indentation technique, and it was found that interfacial adhesion 

varied dynamically as a function of phase distribution of the BC (β to γ’ due to depletion of Aluminum 

and causes the degradation of interfacial adhesion) and TGO growth rate (Ni, Ti migrating to the 

interface hinders the formation of stable α-alumina and forms less durable titanium oxide), while it had 

little influence on TGO rumpling and residual stresses. 

 In addition, with the assistance of failure mechanism analysis, a lifetime prediction model can be 

proposed based on different cracking scenarios identified at corresponding positions in the TBCs. 

Similar to the failure mechanism analysis, a variety of methods (e.g. semi-empirical analytical models 
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or numerical models based on FEA) were applied to conduct lifetime prediction for TBCs. The 

capability of a lifetime prediction model can be improved through the combination of two methods 

which allows more factors affecting durability to be integrated into the model. Based on different TBCs, 

several typical life models are briefed below. 

APS-TBCs 

An early attempt was made by Miller et al [152] to study the failure of APS-TBCs triggered by 

oxidation-induced strains with cyclic strains generated in the cooling process. These factors led to crack 

growth in the ceramic TC layer. Another early lifetime prediction model was reported by Demasi et al 

[85] through NASA. The lifetime of APS-TBCs (in the form of log time) was plotted as a function of 

interface temperature between ceramic coating and metallic BC. Vaßen et al [81] proposed a semi-

empirical analytical life model based on numerically estimated residual stress distribution. As the crack 

propagates from its initial size to failure crack size, the lifetime is obtained. The fitting parameter in 

[81] was calculated using a curve fitting algorithm where only one experimental life data was used. The 

life model was then improved by Zhang et al [130] where the fitting parameters were fitted to different 

dwelling temperatures during thermal cyclic loadings. It was established that the discrepancy between 

estimated and experimental lifetime could be minimized by applying the abovementioned revisions. 

Evans et al [125] proposed a simplified model to describe the coalescence of cracks within a ligament. 

In this case, failure was assumed when the TGO reaches critical thickness and since the thickness of 

the TGO layer can be estimated through a parabolic law, the critical time for spallation can be evaluated. 

Beck et al [131] developed the analytical expression of lifetime prediction based on crack growth theory 

under thermal cyclic conditions. Two different cracking models were assumed where the crack 

generation within the TC can be separated by 1) incubation phase and 2) propagation phase. The lifetime 

was estimated from the total energy release rate computed by equating the crack growth rate and fitting 
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parameters. Busso et al [153] developed a numerical lifetime prediction model where the cumulative 

damage at the peak of the TC layer was triggered by thermal residual stress developed during thermal 

cyclic conditions. The degradation of intrinsic cleavage strength was correlated to the evolution of 

localized microstructure damage, which further led to a cleavage-type mechanism failure of APS-TBCs 

at a macroscopic level. Traeger et al [80] developed a lifetime prediction model based on a numerical 

method where a pre-defined crack was introduced at the interface of either the peak of the TGO/BC 

interface or the valley of the TC/TGO layer. The predicted lifetime demonstrated good agreement 

compared to results from thermal cyclic experiments.  

EB-PVD TBCs 

Similar to APS-TBCs, lifetime prediction models for EB-PVD TBCs are also related to specific failure 

mechanism analyses. The factors influencing the lifetime of EB-PVD TBCs, such as substrate materials, 

chemical doping of the elements, preheat treatment methods, fabrication methods were also investigated 

in the literature [4], [30], [57], [154]–[158]. The damage model describing either the microscopic 

localized damage or macroscopic elastic buckling of the TC proposed by Courcier et al [82] was used 

to conduct lifetime prediction for both isothermal and thermal cycling loading conditions. With the 

assistance of thermal-mechanical fatigue tests (TMF), the damage mechanism was analyzed based on 

increasing spallation area for TBCs fabricated on the turbine blade. Strangman et al [97] investigated 

the possible failure mechanism with its correlated lifetime model based on different types of damage 

modes. Zhang et al [96] proposed an analytical model to evaluate the lifetime, with the lifetime 

prediction based on the failure mechanism in EB-PVD TBCs triggered by the rumpling effect. Based 

on the FE model established from previous work, Busso et al [159] developed a software tool that can 

be used to predict the remaining life of EB-PVD TBCs. The key process of the system identifies critical 
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stresses at possible positions for crack nucleation based on well-analyzed failure mechanisms. It is 

considered as prototype software for further development of a lifetime prediction tool of TBCs.  
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3. Stress Models for Electron Beam-Physical Vapor Deposition Thermal Barrier 

Coatings Using Temperature-process-dependent Model Parameters 

 

This chapter addresses objectives 1 and 2 by numerical finite element modelling to estimate the 

development of residual stresses in EB-PVD TBCs under thermal cycling environment. 

 

B. Zhang, K. Chen, and N. Baddour, “Stress models for electron beam-physical vapor deposition 
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Abstract 

 

This article presents a new stress model for EB-PVD TBC to provide insight into TBC failure 

mechanisms. Cycling-induced and temperature-process dependent model parameters are incorporated 

into stress analysis of EB-PVD TBC and then used to simulate the variation of mechanical, thermal 

and inelastic behaviour from metallic bond coat to thermally grown oxide (TGO). This gives a smooth 

evolution of residual stresses and is more realistic than prior finite element (FE) work. Two types of 

interfacial roughness approximate profiles are presented and implemented in the FE model. 

Geometrical parameters are used to model the interface roughness, and residual stresses are then 

evaluated at specific positions within TBCs. This article's stress analysis establishes a link between 

stress distribution and the evolution of interfacial roughness during thermal cycles. Consequently, the 

results are expected to provide insight into the failure modes related to localized interfacial roughness 

evolution. 

 

Keywords:  EB-PVD TBC, Stress model, Finite element, Temperature-process dependent model 

parameters, Failure mechanism analysis. 
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3.1. Introduction  

 

Thermal Barrier Coating systems (TBCs) have been developed to work as a thermal isolator to protect 

turbine blade substrates from hot burning gas attacks for decades [10], [12], [13], [101], [160], [161]. 

Aligning with efforts on new fabrication methods of TBCs, investigations of prolonging the durability 

of TBCs were also conducted. One of the most significant tasks is to understand the failure mechanisms 

upon which the lifetime of TBCs can be evaluated numerically [1], [120], [125], [162], [163]. The 

lifetime prediction methods of TBCs can be categorized as empirical models, physics and/or mechanics-

based models where analytical and/or finite element tools are normally used [81], [96], [153], [164]. 

An early attempt was made by a NASA program [5][6], in which the number of cycles to failure was 

correlated to critical strain range and critical Thermally Grown Oxide (TGO) thickness. Evans et al. [8] 

developed a life model where failure is assumed when the multilayer cracks converge within 

topcoat/TGO/bond coat regions. The life is estimated in terms of the critical TGO thickness. The critical 

amplitude of roughness measured from the bond coat surface was also a crucial parameter in evaluating 

lifetime based on specific failure mechanisms in Electron Beam-Physical Vapor Deposition Thermal 

Barrier Coating (EB-PVD TBC) systems [1]. Courcier et al [82] developed a damage model of EB-

PVD TBC that involves a damage parameter describing either the effect of decreasing interfacial 

strength on coating delamination under isothermal conditions or the effect of overall strain induced by 

interface rumpling and TGO growth under the thermal cycling process. Busso [153] developed a 

damage-mechanics-based life prediction model for Air Plasma Sprayed-Thermal Barrier Coating (APS-

TBC) systems where two scales of damage, at both microscopic and mesoscopic levels, were 

investigated. Vaßen et al [81] estimated the life of APS-TBCs by evaluating subcritical crack growth 

rate by using fitting model parameters,   
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Where a stands for the crack length and 
* /m m

ICA Y K  is a fitting parameter. The residual stress σ in 

equation (2) is used to compute the lifetime tf through iterating integration of the stress function on the 

right-hand side and then by equating it to the integration of cracking growth rate on the left-hand side 

through the fitting parameter. Zhang et al. [164] further improved the life model by using temperature-

dependent fitting parameters. As a result, the deviation between the predicted life and measured life 

data was significantly decreased. Frachon et al. [165] proposed a multi-scale and multi-physics 

approach. Their approach was implemented into the finite element method and used to predict the local 

stress and strain fields driving the evolution of observed interfacial local damage, which in turn can be 

adapted to predicting TBC lifetime for long in-service conditions.  

In addition to the early proposed semi-empirical life models, stress modelling is also a critical 

component in lifetime prediction methods [81], [96], [137], [164], [166]–[168]. A small change in stress 

calculated from a stress model compared with the measured stress within TBCs can significantly affect 

the lifetime model's performance [81]. Meanwhile, geometrical parameters describing the interface 

roughness profile are also essential to determine the residual stress distribution [96]. Average values of 

interface geometry parameters have been applied to stress analysis [67], [87], [135], [136], [164], [129]. 

However, using temperature-process-dependent model parameters in Finite Element (FE) analysis, the 

improved maximum residual stresses can be calculated. Consequently, possible positions of crack 

formation in TBCs could be identified. 

This paper aims to enhance the understanding of the failure modes of EB-PVD TBC by developing 

a stress model that incorporates both geometrical and temperature-process-dependent parameters. 

Specifically, (a) Two methods to characterize the imperfections close to the TC/TGO and TGO/BC 

interfaces are developed, and related interface geometrical parameters are defined. (b) Temperature-

process dependent model parameters [92] are incorporated into FE models. (c) Failure modes of EB-

PVD are then explored based on the stresses calculated at the valley of the TC and the ridge of the BC. 
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3.2. Compilation of Parameters and Integration in FE Models Using Experimental Data 

under Thermal Cyclic Condition 

 

In the current section, two types of parameters used for the FE simulations are introduced. Parameters 

describing mechanical and thermal properties of materials are the elastic modulus and coefficient of 

thermal expansion for different layers of TBCs. Other parameters used are geometrical parameters 

illustrating the roughness profile at the interface between each layer. It is noted that these parameters 

are either temperature-dependent or temperature-process dependent, which implies that the thermal 

properties and the roughness of the interface change with both temperature and process. It is also noted 

that by using those process-dependent parameters incorporated into a stress model, a process-dependent 

stress behaviour, i.e., the cyclic stress in the current study, can be estimated. Compared to previous 

studies that focus on a defined roughness profile using constant geometrical parameters during 

geometrical sketching [68], [95], [135], [139], in the present paper, five sets of geometrical parameters 

characterizing the level of roughness at specific stages of thermal cycles are used in the FE models. It 

is expected that the resulting stresses would provide a more comprehensive understanding of roughness 

evolution on the stress states, which in turn helps explore the failure mechanisms of EB-PVD TBCs 

under the thermal cyclic process.  

 

3.2.1. Simulation of thermal properties for different layers under the cyclic thermal condition 

 

The mechanical and thermal properties of EB-PVD TBCs include the elastic modulus and thermal 

expansion coefficient (CTE). The elastic modulus of the TC is mainly affected by sintering during a 

high-temperature exposure period. For EB-PVD TBCs, the columnar structure with large external 

porosity between each column can be visualized from a Scanning Electron Microscope (SEM) cross-
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section image, while small internal porosity and vertical segmentation cracks also exist within each 

column [139]. Apart from the thermal gradient affecting TC's sintering behaviour, it is assumed in the 

present study that the sintering of EB-PVD Yttria stabilized Zirconia (YSZ) the consolidation of the 

internal porosities controls TC. In contrast, the external porosity remains unchanged through high-

temperature exposure. For the coordinate system used in the present study, material properties along 

the in-plane directions represented by subscripts 11 (x-direction) and 33 (z-direction) are equivalent due 

to the transversely isotropic assumption of YSZ, while material properties of the out-of-plane direction 

are represented by subscript 22 (y-direction), as illustrated in Figure 8 [32]. For example, the sintering 

effect on elastic moduli of transversely isotropic E11 at 1151oC is shown in Figure 9.  

 

Figure 8 Definition of the transversally isotropic material axis within the bond coat material [32]  
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Figure 9 In-plane elastic modulus of TC in EB-PVD coating as a function of time at 1151 °C [139]. 

 

The sintering effect on E11 can be formulated as [139]  

 ( ) ( )0
11 22

01
E t E t

 



 −
=  

− 
 (3) 

 ( )1 e ip p = − +  (4) 

Where  is the total relative density of the material, o is the value of  at an initial time. 

Additionally, pi and pe are relative internal and external porosities of YSZ topcoat, which are related to 

the relative internal and external densities i, and e, respectively. Due to the TC layer's anisotropic 

property, the out-of-plane elastic modulus E22 is calculated from equation (5) [139], and the result is 

plotted versus the number of thermal cycles, Figure 10. 
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Figure 10 The out-of-plane elastic modulus of TC in EB-PVD coating with respect to time 
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Here, 21 is the Poisson’s ratio in the x-y direction, E22R is Young’s modulus of fully dense isotropic 

Zirconia, and t is time. 

A ratio of the out-of-plane elastic modulus to that of the in-plane is shown in Figure 11.  
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Figure 11 The ratio of the out-of-plane elastic modulus over the in-plane modulus with respect to time 

 

The consolidation and closure of pores within columnar structures resulting from sintering leads to 

a sharp increase in the in-plane elastic modulus during the initial 50 hours of sintering and then remains 

a constant ratio of 3.5 for additional 500 hours of sintering. The elastic moduli versus temperature are 

listed in Table 1 [95], which shows a decreasing pattern as temperature increases after sintering for 100 

hours at 1473K.  

Table 1 The elastic modulus variation as temperature changes [95] 

T(K) 293 473 773 973 1173 1373 1473 

( )11E GPa  67 64 61 59 58 56 56 
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( )22E GPa  205 196 188 182 178 174 173 

 

It is difficult to measure elastic modulus under the thermal cycling process. Therefore, in this paper, 

it is assumed that the increasing pattern of elastic modulus upon cooling during thermal cycling follows 

the same pattern as that of the elastic modulus when heating back. Also, within the dwell period during 

thermal cycling, the elastic modulus is merely affected by high-temperature sintering. During a thermal 

cycling period, as the duration of both heating and cooling processes is much shorter than a high 

temperature dwell period, the effect of sintering on modulus changes can be ignored for this 

heating/cooling process.  

To simulate the changes of elastic modulus versus temperature T during thermal cycling, the moduli 

in Table 1 are formulated and then fitted approximately by equations (6)-(7) as, 

 ( ) ( )2
22 2 20

2

= expE T E t
T
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+ 
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+ 
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where i, i, i are fitting parameters (i=1,2). 
1 41.58387 = ,

1 918.27421 K = ,

1 1638.6676 K = ,  
2 132.27447 = ,

2 814.80164 K = ,
2 1574.48149 K =  are obtained 

by fitting to the results shown in Table 1.  Ei0(t) are process-dependent moduli of the TC estimated 

from isothermal sintering at the end of high-temperature thermal cycles using equation (3) and (5).  

The cyclic temperature field pattern used to describe temperature variation within a thermal cycle 

was chosen as, 
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In an equation (8), t1, t2 and t3 represent durations of heating, dwell and cooling processes. Following 

equation (7), the cyclic temperature pattern is shown in Figure 12.  

 

Figure 12 Temperature variation used in simulations under cyclic thermal conditions 

 

The patterns of the in-plane and out-of-plane elastic moduli versus thermal cycles are shown in 

Figure 13 and Figure 14 for a selected short period, while the entire trend of these two elastic moduli 

of TC versus thermal processes is depicted in Figure 15. 
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Figure 13 In-plane elastic modulus under cyclic thermal condition 

 

 

Figure 14  Out-of-plane elastic modulus under cyclic thermal condition 
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Figure 15 The general trend of elastic moduli as a function of time under cyclic thermal condition (10000 

min) (a) in-plane (b) Out-of-plane 
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The temperature-dependent elastic moduli of BC (EBC) and TGO (ETGO) are described as [95],  

 ( ) 0.07506 448TGOE T T= −  +  (9) 

 ( ) 0.02329 123.9BCE T T= −  +  (10) 

Also, the temperature-dependent coefficient of thermal expansion  (with the subscript indicating 

the layer) is described by [95],   

 ( ) ( ) 60.0003636 9.615 10TBC T T −=  +   (11) 

 ( ) ( ) 60.001388 7.532 10TGO T T −=  +   (12) 

 ( ) ( ) 60.005021 10.83 10BC T T −=  +   (13) 

Expressions (9)–(13) will be used to calculate thermal and residual stresses in thermal cycling 

simulations.   

 

3.2.2. Creep, swelling and inelastic behavior of BC/TGO layers during the high-temperature 

process 

 

The inelastic behaviour for BC/TGO layers are described by creep rate [95] in terms of equivalent von 

Mises stress V , elastic modulus and temperature T. Specifically, the creep rate tensor 
cr for both BC 

and TGO is expressed as [95],   
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Expressions (14) and (15) are used to describe the creep property of (Ni, Pt)Al- BC and α-Al2O3 

TGO [169], [170]; both of these materials are assumed to be isotropic and homogeneous.  

The inelastic behaviour such as the swelling rate of the TGO during progressive oxidation of the 

BC is described by Busso et al. [153] as, 

 ( , )

3
1

2

tr ini T

Ni Pt Al V

S
D f f P e

S


 
= +  

 
 (16) 

Where the inelastic stretching tensor Dtr shows the non-recoverable deformation rate induced by 

oxidation of metallic phase, 
inif represents the initial volume fraction of metallic phase which has not 

been oxidized and 0.38inif =  was chosen according to [95]. P is a coefficient that depends on the 

shape of the oxide particles. S  and S   are the norm and deviatoric components of the aggregate 

stress tensor. Furthermore, 
T

Ve  is the mean local dilatational strain induced by the transformation of 

the initial metallic phase and ( , )Ni Pt Alf  illustrates the evolution of the internal variable ( , )Ni Pt Alf  that 

is defined as the normalized fraction of the oxidizing phase which has chemically reacted with O2, 

varying in value from 0, before the oxidation begins, to 1 when primary oxidation is complete. If the 

isothermal load is applied to the TBCs, the parabolic formulae of TGO growth for (Ni, Pt) Al BC is 

used, and the internal variable ( , )Ni Pt Alf  is described as,   

 ( , )

TGOPGr

TGO
Ni Pt Al tot

TGO

A t
f

d
=  (17) 
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Here 
tot

TGOd  is the total thickness of the TGO layer in a predefined time, 4.92tot

TGOd m  according 

to [92] at 1151oC. 
Gr

TGOA and TGOp  are the coefficients of TGO growth rate and growth exponent, 

respectively. T is the temperature during a dwell period and t  is an exposure duration. 

( )8.314B KJ mol K   is the Boltzmann constant. According to [153], the equation (17) only 

works for local oxygen concentration, O OcrC C  where OC  is oxygen concentration and OcrC  is 

the critical value of oxygen concentration which defines the onset of oxidation. The equation describing 

the TGO growth and the evolution of the internal variable under cyclic thermal conditions will be 

described in the following section. In addition, it is also noticed that the growth strains do not develop 

isotropically [139]. The ratio of phase transformation strain of normal over parallel to the TGO interface 

is taken to be 87 and is used in the current modelling [139]. The temperature-dependent yield stresses 

of both BC and TGO are taken from [68] and [171] and are shown in Figure 16 and Figure 17, 

respectively.  

 

Figure 16 The experimental data of temperature-dependent yield stress of BC [68] together with a fitting 

curve 
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Figure 17 The experimental data of temperature-dependent yield stress of TGO [171]together with a fitting 

curve 

 

3.2.3. Temperature-process dependent geometrical parameters 

 

According to Wen et al. [92], the geometrical parameters used to characterize the interfacial roughness 

profile vary versus the number of thermal cycles. Therefore, varying interface roughness profiles could 

result in stress changes during thermal cycling [67], [95]. The work by Maurel et al. [91] was proposed 

to model the complex morphology of rough interfaces using Fourier techniques and image analysis. 

Both 2D and 3D FE models were established using a sinusoidal profile describing the realistic interfacial 

roughness morphology. The stresses were calculated and illustrated in both crosses- 2D views of cross-

section area and 3D views of the bond-coat layer. A key feature of the presently proposed interface 

model consisting of [91] is the assumption of the similarity between the TC/TGO interface and TGO/BC 

interface, as the thickness of the TGO layer is much thinner compared to the entire thickness of the 
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TBC. This approximation avoids a duplicated curvature radius at both TC/TGO and TGO/BC interfaces. 

The simplification is made aiming to keep the number of parameters small in evaluating residual stresses.   

The method to evaluate the roughness profile of EB-PVD TBCs differs significantly from that used 

for Atmospheric Plasma Sprayed-Thermal Barrier Coating systems (APS-TBCs) [92]. For APS-TBCs, 

large interface roughness is required to provide mechanical interlocking between the topcoat and the 

bond coat (TGO) layer [172], [173]. It is assumed that the surface roughness remains unchanged as the 

thermal cycle proceeds. To simplify the evaluation of thermal stresses between the topcoat and TGO in 

APS-TBCs, the average roughness is estimated using the amplitude and wavelength for sinusoidal-like 

interfacial roughness, Figure 18.  

 

 

Figure 18 Schematic diagram of interfacial roughness profile simulated according to APS-TBCs [67] 

 

The average roughness measured using a radius of curvature for APS-TBCs is given by 

 

2

24

APSW
r

A
= , (18) 

Where A represents the amplitude of localized imperfections, and WAPS is a parameter used to define 

the horizontal length of localized imperfections in APS-TBCs. 
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It is noted that the radius of curvature r in equation (18) is used to describe the horizontal width 

for a single localized imperfection at the interface between the topcoat and BC layer within APS-TBCs. 

These imperfections have dual-effects on the durability of TBCs, i.e., a relatively large interfacial 

roughness could effectively reduce the stored elastic strain energy during crack propagation. However, 

these defects also induce stress concentration, especially close to the tip of roughness, enhancing the 

local energy release rate that facilitates crack initiation [174]–[176]. 

Some studies characterize the roughness of EB-PVD TBCs by using a similar approach of 

expression (18) to describe the roughness of APS-TBCs [52], [150]. For EB-PVD TBCs, however, the 

Pt-modified β-NiAl bond coat is usually treated using grit blasting to flatten the bond coat surface to 

reduce the interfacial roughness between the bond coat and the topcoat [53], Figure 19.  

 

Figure 19 Bond coat surface morphology and profile along the marked line before (a) and after (b) grit 

blasting [53] in EB-PVD TBCs 
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Meanwhile, this grit blasting process is also used to compact the bond coat layer and substrate [96]. 

For EB-PVD TBCs, cracks can be found within the topcoat close to the topcoat/TGO interface layer 

[149], Figure 20, and cracks can also be initiated at ridge of the bond coat at an early stage of the cyclic 

thermal experiment for those specimens [52].  

 

 

Figure 20 Higher magnification images showing ratcheting imperfections with (a) elliptical and (b) 

triangular topologies [149] 

 

For EB-PVD TBCs, several methods have been proposed to characterize the interfacial roughness 

versus both temperature and number of cycles, such as the RMS (root mean square) and tortuosity 

( 0L L ) [92]. The L and L0 used for tortuosity are generally defined as the length of the surface 
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roughness curve and the measured linear distance from the beginning to the end at a specific number of 

cycles, respectively [92]. Both parameters vary as a function of temperature and thermal cycles. Besides, 

the evolution of the TGO/bond coat interfacial contours for the bond-coated-only and YSZ-coated sides 

were measured [142].  

The temperature-process dependent parameters used to characterize the interfacial roughness 

profiles are (a) amplitude of interfacial roughness, (b) width of interfacial roughness. Combining these 

two parameters with the third parameter of (c) TGO thickness, the geometry of interfacial roughness 

for the TGO/BC interface can be fully described. These three parameters are discussed in detail in the 

following.  

 

(a) Amplitude of interfacial roughness 

It is noted that the tortuosity (L/L0) varies as the thermal cycle proceeds and shows temperature-

dependent characteristics. The average amplitude of roughness, A, can be expressed as a root mean 

square roughness parameter (RMS) [150] measured in [92] as, 

 2A RMS=  (19)                             

The resulting average amplitude is plotted in Figure 21. 
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Figure 21 Mean amplitude of roughness with respect to the number of cycles at different temperatures [92] 

 

(b) Width of interfacial roughness 

A specific method to characterize the horizontal width of interfacial roughness is necessary to evaluate 

the stress distribution in EB-PVD TBCs. The random distribution of actual roughness is reflected by an 

irregular height over each individual protuberate, which can be treated as a uniform distributed rumpling 

profile, according to Figure 20, either in the form of an isosceles triangle or an ellipse, Figure 22.  

 

Figure 22 Two ways of equivalent simulated roughness profile according to SEM images 

http://www.baidu.com/link?url=XhjEdbEMzR-VoeoC8RME3zU6UqD8lWkCcwilvAdmXpLciO4R0pVeJrvsZozcFJYopwEw0HlDUIQiHdzOxVmckF9PZkbJYiXWglVAAE10Nhu0X-g49jwKyvfExRsee7e7
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Therefore, the triangle's hypotenuse in each uniform roughness profile is equal to L/L0 ×W/2, where 

W/2 is the half-length of the bottom side, Figure 23. 

 

 

 

Figure 23 Schematic diagram of interfacial roughness profile approximated in the form of a triangle 

 

It is assumed that an individual interfacial roughness curve and a flat base-side form an isosceles 

triangle, Figure 23. The base length, W, can represent the horizontal width at an interfacial roughness. 

The total lengths of two hypotenuses, representing the length of each uniform roughness profile, are 

described via the product of tortuosity and width, TL×W, which increases as temperature rises. An 

average amplitude of roughness represents the height of an isosceles triangle A . Therefore, the length 

of the hypotenuse b  as well as the length of the base-side W  can be determined by combining the 

amplitude (height) and the tortuosity (the ratio of the length of two hypotenuses over the base-side) as, 

http://www.baidu.com/link?url=XhjEdbEMzR-VoeoC8RME3zU6UqD8lWkCcwilvAdmXpLciO4R0pVeJrvsZozcFJYopwEw0HlDUIQiHdzOxVmckF9PZkbJYiXWglVAAE10Nhu0X-g49jwKyvfExRsee7e7
http://www.baidu.com/link?url=XhjEdbEMzR-VoeoC8RME3zU6UqD8lWkCcwilvAdmXpLciO4R0pVeJrvsZozcFJYopwEw0HlDUIQiHdzOxVmckF9PZkbJYiXWglVAAE10Nhu0X-g49jwKyvfExRsee7e7
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−
                             (21) 

The result of the triangular width of roughness is redefined as W can be obtained by combining 

tortuosity and amplitude as a function of the number of cycles and temperatures, Figure 24. 

 

Figure 24 The width of the bottom-side approximated by an isosceles triangle as a function of the number 

of cycles and temperatures 

 

Similarly, the width of roughness approximated in the form of an ellipse can be represented by the 

length of the long axis W’, Figure 25.  
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Figure 25 Schematic diagram of interfacial roughness profile approximated in the form of an ellipse 

 

This can be determined by combining the factor of amplitude (long axis) and the tortuosity (the 

ratio of the length of half perimeter of ellipse over two-fold of short axis), in the equation (22) as,  

 
( )

4
'

2 2L

A
W

T 


=

+ −
 (22) 

Similar results of the elliptical width of roughness can be obtained by combining the tortuosity and 

amplitude as a function of the number of cycles and temperatures (Figure 26). 
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Figure 26 The long axis's width approximated by ellipse as a function of the number of cycles and 

temperatures 

 

(c) TGO thickness  

The TGO scale, as a result of progressive oxidation of the BC, exerts a significant effect on the stress 

distribution within TBCs. Under the isothermal conditions, it is assumed that TGO growth follows a 

parabolic law given by the equation (23),  

 TGOPGr

TGO TGOd A t=  (23) 

In the present paper, the thermal load is applied under cyclic conditions, and by considering the 

time-dependent cyclic temperature behaviour, the model parameters in the equation (23) are obtained 

through fitting to experimental data [92], [139], resulting in the temperature-dependent TGO growth 

coefficient 
Gr

TGOA  expressed in the form of an exponential equation, 

 
0TGOQ TGr

TGO TGO TGOA A e A= +  (24) 
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With 
186.0947 1 /0 TGO

TGO

P
A m min−=  ,  0.02577 1TGOQ K= , 

0 0.0122 /4 TGOP

TGOA m min= , 

0.5TGOP = . Substituting equation (24) into the equation (23), the TGO growth rate is given by 

differentiating equation (24) with respect to time,  

 ( ) ( ) 10TGO TGOQ T P

TGO TGO TGO TGO

d
d P A e A t

dt

−
=  +  (25) 

The average TGO thicknesses under cyclic thermal loading are rewritten in the incremental 

formulation and plotted in Figure 27.  

                           ( ) ( ) ( )TGO TGO TGO

d
d t t d t d t

dt
+  +                 (26) 

Meanwhile, the temperature-process-dependent TGO thickness and growth rate are described in 

Figure 27 (b) and (c) for two cycles, respectively.  
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Figure 27 The average TGO thickness for (a) the entire thermal cycles, (b) for two cycles and (c) TGO 

growth rate for two cycles with respect to the number of cycles at different temperatures 

 

3.3. Finite Element Model 

 

3.3.1. TBCs morphology 

 

The FE model is used to study the effect of interface roughness profiles on thermal residual stresses. 

The temperature-process dependent model parameters were incorporated into the FE model. The 

interface geometrical parameters to describe the TBC system are obtained from five specific stages of 

cyclic thermal tests. These geometrical parameters are then applied to constructing five FE models with 

triangular roughness approximation. These five sets of FE models are used to study BC roughness's 

effect on the stresses developed within the TBC system. Besides, to examine the effect of the shape of 
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the roughness profile on stress distribution, another FE model characterized by an elliptical 

approximation is generated. The calculated stresses are compared with those using triangular roughness 

approximation.   

After a close inspection of the representative TGO–ceramic interface, its interface morphology can 

be idealized as a periodic array of saw-tooth type segments, as illustrated in Figure 22. An example is 

given for a specimen under 177 cycles at the maximum temperature of 1151oC; the corresponding 

periodic unit cells of the FE model are shown in Figure 28, where Figure 29 shows more details of its 

interfacial morphology.  

  

Figure 28 Typical FE mesh used in the TBC model for a bond coat surface roughness ratio. 

0.5992A W   
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Figure 29 Details about interfacial morphology simulated at 177 cycles from cyclic thermal experiment, the 

roughness profile is characterized in the form of a triangle 

 

The relevant interfacial length scales can be extracted from the test samples of EB-PVD TBCs 

given in Figure 21, Figure 24 and Figure 26. Here, the amplitude A of the interface in Figure 23 is 

approximately 4.12 µm, and the length W of the bottom side is approximately 13.76 µm. Thus, interface 

morphologies with a ratio of 0.3A W   will be used. The FE meshes consist of 39572 quadratic 

generalized plane strain elements with full integration.  

 

3.3.2. Transversely isotropic YSZ materials for TC 

 

For simplification, the current 2D FE model is established. The thickness of TBCs in the z-direction is 

not constrained in stress analysis since the elastic strain is only generated within the defined 2D cross-

sectional plane, Figure 8. The transversely isotropic elastic properties of materials are applied to the 
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plane strain cross-section defined for the TC layer since it is anisotropic between the in-plane and out-

of-plane directions. Thus, the resulting fourth-order elastic compliance tensor, S, becomes 
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12 11 22 12 11

13 11 21 22 11
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 

 

− − 
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− −
 
 − −

=  
 
 
 
  

 (27) 

According to the designation of axes in the coordinate system, 21  and 12  are defined as Poisson’s 

ratio in the x-y direction, 13  is the in-plane Poisson’s ratio in the x-z direction. 23   is the Poisson’s 

ratio in the y-z direction equivalent to 21  based on the application of orthotropic elasticity within the 

TC layer. The shear moduli with the same subscripts are also defined and 12G  23G  represent the shear 

modulus in the x-y and y-z direction, respectively, 13G defined as the in-plane shear modulus in the x-z 

direction. The definition of orthotropic elasticity, i.e., the relative elastic modulus, shear modulus as 

well as Poisson’s ratio in different directions of TC are summarized in Table 2 [139], where x, y, z in 

the FE calculations are indicated by the subscripts 11, 22, and 33, respectively.  

Table 2 The definition of orthotropic elasticity by specifying the engineering constants 

Parameters Definition 
Conversion to transversely isotropic elastic 

properties 

E11 

In-plane elastic 

modulus in the x-

direction 

11E estimated by equation(3) 

and equation(7). 
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E22 

Out-of-plane elastic 

modulus in the y-

direction 

22E  estimated by equation (5) 

And equation (6) 

E33 

In-plane elastic 

modulus in the z-

direction 

33 11E E=  

ν12 
Poisson’s ratio in 

the x-y direction 
21 0.2 = , 21 0.2 =  

ν13 
In-plane Poisson’s 

ratio 
13 0.12 =  

ν23 
Poisson’s ratio in 

the y-z direction 
21 23= 0.2  =  

G12 
Shear modulus in 

the x-y direction 
12 2 22 11 1G G E E G= =   

G13 
In-plane Shear 

modulus 
( )13 1 11 13G =G 2 1E = +  

G23 
Shear modulus in 

the y-z direction 
23 2 22 11 1G G E E G= =    
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The TBC's temperature distribution is assumed to be spatially homogeneous and to vary cyclically 

in a pattern illustrated in Figure 12. The peak cycle temperature of 1151oC was identified as a typical 

TBC metal/ceramic interface temperature. The residual stress will be calculated upon temperature 

dropping down to 20oC. Because of high-temperature creep, the TBC is treated as stress-free or with 

small compressive residual stress during the high-temperature dwell period at 1151oC. The TBC surface 

is assumed to be traction-free, and the symmetric and periodic boundaries on FE models are assumed 

on the bottom plane of BC y = 0, indicating no vertical downward movement occurs through the y-

direction due to the support by the BC/substrate.  

 

3.3.2. Phase transformation and oxidation model 

 

There are two effects to consider when study phase transformations of BC oxidation to form oxide 

(TGO). This progress involves a gradual change of mechanical and creep properties from BC (metal) 

to TGO (oxide) and initiation of a swelling effect when the TGO starts to form. First, in all FE models, 

it is assumed that progressive oxidation is dominated by internal oxidation, in which a new oxide layer 

forms below the existing TGO layer. Second, apart from a specific case where an oxide layer was 

already incorporated into the TC/BC interface (three layers), all models start with two layers between 

the topcoat and bond coat. 

At the failure life during thermal cycles, it is assumed that the TGO grows and reaches its maximum 

thickness dmax at a specific test temperature. This dmax is the result of converting BC into TGO through 

BC oxidation. In FE modelling, however, this dmax was selected as a known input value from the TBC 

life test. The FE modelling simulates progress on how BC converts into TGO via oxidation and 

gradually reaches dmax. During such progress through thermal cycles, residual stress and its distribution 

were evaluated and used to assess possible failure behaviour of TBCs. This phase transformation 

process can be conveniently divided into three stages. In Stage I, the phase transformation of BC to 
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TGO does not occur. In this stage, the entire dmax region is still treated as BC. In Stage II, a 

transformation of BC to TGO takes place; the dmax region is mixed with both BC and TGO. Finally, 

Stage III indicates the transformation of BC to TGO is complete; this dmax region is purely oxide TGO. 

During stages I - III, the region undergoes a phase transformation from metallic BC to oxide TGO. The 

mechanical properties given by isotropic elastic modulus for materials in the transitional sublayer are 

estimated by, 

 ( , ) ( , )(1 )tr TGO Ni Pt Al BC Ni Pt AlE E f E f=  +  −  (28) 

Equation (28) describes the elastic modulus of this transition region that undergoes phase 

transformation. Similarly, the temperature-dependent coefficient of thermal expansion and inelastic 

creep strain rate for this transition region can be estimated from, 

 ( , ) ( , )(1 )tr TGO Ni Pt Al BC Ni Pt Alf f  =  +  −  (29) 

 ( , ) ( , )(1 )cr cr cr

tr TGO Ni Pt Al BC Ni Pt Alf f  =  +  −  (30) 

To implement TGO swelling on the stress distribution during the phase transformation process, it 

is necessary to obtain the time to initiate the BC conversion to TGO from top to bottom of the transition 

layer. However, it is evident that the TGO growth rate decreases as the oxidation occurs following the 

parabolic formulae, Figure 27. This follows since the formation of dense -Al2O3 as a newly formed 

TGO layer can largely prevent the BC surface from further oxidation. Accordingly, to include the effect 

of gradually decreased oxidizing rate from the surface to the bottom of the transition layer, several 

sublayers are further partitioned with an identical thickness within the transition layer, Figure 29. The 

identical thickness of each sublayer facilitates the meshing process, i.e., a layer of thin transition is 

uniformly filled by a layer of quadratic generalized plane strain elements. It also provides a convenient 

way to calculate the related oxidation parameters that are used to describe the progressive oxidation of 

each sublayer. It takes longer for oxidation to complete at a sublayer close to the bottom of the transition 

layer compared to that near the surface. Thus, for transition layer in size dmax, we can obtain the time-
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spent for oxidation completion by iterating the equation (26) and sum the incremental time until TGO 

reaches the critical thickness,  

 

( )
1

1

1,2,3...
n
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N
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TGO TGO
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d
n d d t for n
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=
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= 




 (31) 

 

where 
F

nt  is the time for oxidation completion for the transition, n indicates the number of the sublayer 

counting from top to bottom, 
sub

TGOd  is the thickness of the sublayer, which is predefined according to 

the total number of sublayers within the TGO section. nN  is the final iterative number for calculated 

TGO thickness reaching the entire thickness of n sublayers ( )sub

TGOn d . The thickness of each 

sublayer is given by  

 
sub TGO
TGO

d
d

n
=  (32) 

For convenience, dmax = dTGO. To use equation (31) and implement TGO swelling in the transition 

region in each sub-layer, the TGO growth rate ( )TGO

d
d

dt
equation (25) needs to be specified by each 

of the sublayers using the equation (31) as 

 

( ) ( )

( )

10

1

0 1

0 1

TGO TGOQ T P

TGO TGO TGO TGOi

F

i

TGO F Fi

i i

d
d P A e A t

dt

if t t for id
d

dt if t t or t t for i

−

−

=  +

  =
= 

  

 (33) 
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where ( )TGO i

d
d

dt
is the TGO growth rate for sublayer i (i=1 to n) within the TGO section. It is used to 

control the growth rate of TGO thickening. It is evident that ( )TGO i

d
d

dt
 decrease versus n, according 

to the equation (33), it takes a longer time for “deeper” sublayers to complete the oxidation process 

( ( )1n nt t −−  increases versus n). Accordingly, the evolution of the internal variable ( , )Ni Pt Alf for each 

sublayer can be rewritten as 
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(34) 

where ( , )Ni Pt Al if −  is the evolution of the internal variable for each sublayer. An example is given for 

the calculation of ( , )Ni Pt Al if − , assuming 17

Ft  and 18

Ft  represent the time for sublayer 17 and 18 to be 

fully oxidized, respectively, Figure 30.  
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Figure 30 The internal variable f for sublayers 17 and 18 as a function of temperature and time 

 

When the time t  is shorter than 
17

Ft , the oxidation of sublayer 18 has not yet started, according 

to the equation (34), the calculated 
( , ) 18Ni Pt Alf −

 is less than zero, and then we reset it to be zero. On 

the other hand, as t  approaches 18

Ft , ( , ) 18Ni Pt Alf −  is close to unity. As t  surpasses 
18

Ft , the oxidation 

of sublayer 18 has completed. When the calculated ( , ) 18Ni Pt Alf −  is larger than unity, it is reset as unity. 

Accordingly, the mechanical, thermal properties and creep behaviour of the sublayers can be obtained 

by substituting equations (34) into equations (28)-(30). The FE model of EB-PVD TBCs can now be 

established based on the previously described constitutive material models. These models are 

implemented numerically in user-defined subroutines in commercial FE code ABAQUS [177]. 
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3.4. Results and discussion 

 

The stress analysis was conducted at positions where cracks have a high possibility to form according 

to SEM images. Moreover, the residual stresses estimated under several roughness profiles 

characterized at selected stages of the life cycle helps explain the failure mechanism. Those positions 

of interest are also possible locations where the maximum residual stress could be achieved.  

 

3.4.1. The comparison of stress states obtained from the model with different assumptions 

under the same roughness profile 

 

The out-of-plane stresses calculated for the valley of the TC are illustrated for cases of (i) pure elastic 

model, (ii) sintering elastic model, (iii) sintering elastic + creep and swelling model as well as (iv) 

sintering elastic + creep and swelling + plastic model. All stresses are calculated at the location of 1.1µm 

away from the TC valley within 1000 minutes of thermal cycles, as indicated by the red point in Figure 

31.  
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Figure 31 The position at the valley of TC where stresses are calculated from models with different 

assumptions 

 

For the case of a pure-elastic behaviour, stresses obtained under the no stress assumption during 

the high temperature dwell period differ from those with existing initial stress, shown in Figure 32 (a) 

and (b). It is noticed that different stress levels are obtained at initial thermal cycles, which corresponds 

to the assumption of different initial temperatures. Figure 32(a) illustrates the valley stress at the 

initiation of thermal cycling at room temperature (20oC). The stress level experiences a fast growth 

within the first ten minutes, which is explained by the CTE mismatch between layers as TBCs 

experience temperature increase, equation (8). The valley stress decreases dramatically during the 

following high-temperature holding period, which is also observed at the valley of TC assuming thermal 

loads initiated at relatively high temperature at first thermal cycle (T=1150oC during 0-10 min in an 

equation (8)), Figure 32(b). However, starting at a high temperature, there is no stress at the valley of 

the TC layer. It is evident that different assumptions of initial temperatures applied to TBCs make a 
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significant difference in the initial stress state, which further affects the stress level during the whole 

thermal cycle. 

Nevertheless, this stress discrepancy is compensated by the inelastic behaviour of TBCs, i.e., the 

creep model introduced by equations (14)-(15) and yielding models illustrated in Figure 16 and Figure 

17 provide a sufficient stress relaxation within TBCs. The temperature-dependent creep behaviour 

results in a dramatic drop of stress when the cycle process approaches the high-temperature holding 

period, Figure 34 and Figure 35. Therefore, it is expected that the initial thermal load with either of high 

temperature or low-temperature condition has a minimum effect on the stress distribution in later life 

cycles.  
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Figure 32 The calculated stress at the valley of TC with the assumption of a stress-free at the beginning of 

thermal cycles (a) at low temperature(b) at high temperature, the stress decreases during the cooling process 

 

It should be noted that there is a stress inversion during the cooling process when the sintering 

model of equations (3) - (7)) is incorporated into FE calculations, Figure 33. However, the stress still 

decreases versus thermal cycles.  
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Figure 33 The calculated stress at the valley of TC with sintering elastic model, notice that the stress 

increase during the cooling process 

 

The trend of calculated stresses at the TC's valley increases as the creep for both BC and TGO and 

the swelling model of TGO are incorporated into FE calculations, Figure 34.  

 



84 

 

 

Figure 34 The calculated stress at the valley of TC with the assumption of sintering elastic +Creep & 

swelling 

 

It was thought that the creep normally reduces stresses [87], [90], whereas the stress in Figure 34 

may indicate that swelling increases stress. It is observed that there are several higher stress states 

highlighted in red circles in Figure 34. Those stresses might occur during the cooling process, where 

progressive oxidation of a sublayer and initiation of oxidation for the sublayer below completes. The 

swelling rate for a sublayer at the beginning of oxidation generates relatively large stress. Still, it 

decreases quickly as the swelling rate (dominated by the rate of evolution of the internal variable 

( , )Ni Pt Alf  equation (16)) gradually decreases as the thermal cycle proceeds. ( , )Ni Pt Alf , as indicated in 

the preceding section, is used to describe the rate of oxidation. ( , )Ni Pt Alf  reaches the maximum of unity 

when the value ( , )Ni Pt Alf  becomes the minimum, which means the completion of oxidation for a single 

sublayer. The calculated stress at the same valley location of TC is illustrated in Figure 35.  
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Figure 35 The calculated stress at the valley of TC with an assumption of sintering elastic +Creep & 

Swelling + Plastic  

 

In addition to a small increase in the stress, there is no apparent difference between the results 

compared to that shown in Figure 34.  

It is noted that no plastic behaviour is included in the stress analysis from the TC, especially for 

the case related to the residual stress resulting from a cooling period under thermal cycles in the y-

direction. This is because, for EB-PVD TBCs, the columnar microstructure of the TC provides high 

stiffness in the out-of-plane direction, which further prevents excessive out-of-plane strain generation 

[139], [150]. However, it is noticed that a significant effect is expected on BC plasticity when the creep 

model is incorporated into the FE calculation. Figure 36 (a) and Figure 36 (b) show the calculated 

maximum cooling stresses at the peak position of BC lying at 1.1 m away from the interface with and 

without including plasticity of the TGO/BC during complete life cycles. The calculated stresses, 

including plasticity, are smoother compared to those without plasticity.  
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Figure 36 The maximum cooling stress calculated at the peak of BC (a) with plasticity incorporated (b) 

without plasticity incorporated into FE calculation 
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3.4.2. Failure mechanism analysis based on the calculated stresses under different roughness 

approximation 

 

The interface roughness is characterized in an ellipse, and the triangular profile is shown in Figure 37 

and Figure 29.  

 

Figure 37 Details about interfacial morphology simulated at 177 cycles from cyclic thermal experiment, the 

roughness profile is characterized in an ellipse 

 

The calculated residual stresses under these roughness profiles are used to investigate possible 

correlations between the position of crack initiation and interface roughness, Figure 38.   
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Figure 38 The out-of-plane residual stresses calculated at the valley of TC using (a) elliptical roughness 

approximation (b) triangular roughness approximation and at the peak of BC using (c) elliptical roughness 

approximation (d) triangular roughness approximation 

 

Specifically, it was observed: 
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a) At the valley of TC, relative low stresses are obtained where the roughness is characterized in 

the form of the ellipse at early stages of thermal cycles, Figure 38(a). In other words, this demonstrates 

that a higher possibility of early crack initiation occurs at the valley of the TC with a relatively sharp 

triangular roughness because of high-stress concentration at the shape corner, Figure 38 (b).  

b) On the contrary, the possibility for early crack initiation at the peak of BC is higher in the 

relatively flat elliptical roughness, Figure 38 (c) due to higher out-of-plane stresses compared to the one 

characterized using triangular roughness profile, Figure 38 (d). The total out-of-plane strain at the valley 

within the topcoat upon cooling versus time, Figure 39.   

 

 

Figure 39 The out-of-plane total strain calculated at the valley of TC where residual stresses are estimated, 

together with residual thermal strain calculated from [96] 

 

The above figure illustrates the calculated out-of-plane total strain at the valley of topcoat where 

the interfacial roughness is characterized by amplitude and width using No.5 data of Table 3. It is 
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evident that upon cooling, the strain shows a similar trend compared to the residual stress estimated 

from the identical positions of the black curve in Figure 40. The maximum out-of-plane elastic strain 

due to CTE mismatch is also calculated and plotted together in the above Figure 39. Using the analytical 

expression of CTE mismatch strain is expressed as [101],  

 

( ) ( )_ expthermal TGO
TGO TC TGO BC TGO TC

TC

d A A
T

y W W
       

    
= − + −     

     (35) 

Where ,  and  are fitting parameters and can be found in [101]. It should be noticed that in the current 

FEA model, the TC is only affected by the sintering effect. The discrepancy between the FE calculated 

total strain and the maximum CTE strain could be explained by the effect of oxidation of BC 

accompanying TGO swelling that effectively increases the out-of-plane strain calculated at the valley 

of the TC layer. 

Also, five sets of out-of-plane residual stresses are also calculated at the valley of the TC through 

life cycles, Figure 40, where triangular roughness profiles characterized from selected life cycle stages 

are used in the FE models.  
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Figure 40 Out-of-plane residual stresses calculated at the valley of TC with different roughness profiles 

characterized at various stages in life cycles 

 

The roughness parameters characterized from five stages of life cycles are summarized in Table 3.  

 

Table 3 The roughness parameters used in FE models characterized from five stages of life cycles. 

No 

Cyclic numbera  

in Cycles 

(Hours) 

Amplitude 

in m  

Width 

in m  

1 10 (600) 1.571 6.893 
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2 55 (3300) 2.259 9.078 

3 110 (6600) 3.100 11.370 

4 145 (8700) 3.635 12.666 

5 177 (10620) 4.124 13.764 

Cyclic numbera indicates the number of cycles when roughness parameters are characterized from cyclic thermal 

experiments. 

 

As mentioned in the preceding sections, the parameters characterizing the evolution of the 

roughness profile under thermal cycles vary versus time. The ratio of amplitude over width is illustrated 

in Figure 41.  
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Figure 41 The ratio of amplitude over width as a function of cycles for triangular-formed interfacial 

roughness 

 

For those interfacial roughness profiles characterized by triangles, the growth of roughness and the 

sharpness at the triangle's tip increase as the thermal cycle proceeds. The reason behind the roughness 

evolution may be explained using the calculated stresses under selected roughness profiles, Figure 40. 

The red curve, compared to others, represents stresses using the roughness profile at the earliest stage 

of thermal cycles (ten cycles). Stress rises dramatically within a short duration, followed by a gradual 

decrease in stress. The green curve illustrates the magnitude of stress calculated using the roughness at 

an intermediate stage of the life cycle. It stays constant for a relatively long period after a significant 

increase at the beginning of the thermal cycle. The black curve indicates the stress calculated under 

roughness at the end of the life cycle. The stress is at the lowest stress initially and then remains 

increasing uniformly throughout the entire lifetime.  
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Some conclusions can be drawn from the calculated stresses using the selected roughness profile 

characterized from various stages of thermal cycles. According to Figure 40, it appears that the stress 

resulting from relatively small size and a blunt tip of roughness increases dramatically within a short 

period in life compared to the one with a large size and sharp tip of roughness. Based on the temperature-

process dependent geometrical parameters characterized from experimentally measured interfacial 

roughness profiles, it is reasonable to infer that to accommodate relatively large stress generated rapidly 

at early stages of life cycles within the TC, a geometrical roughness evolution at TGO/BC interface 

occurs. This could be developed due to plastic deformation caused by either strain rate-dependent 

massive flow stress triggered by significant creep behaviour of BC, equation (14), or the strain rate-

independent plastic behaviour as the calculated equivalent Von Mises stresses reaching the yield 

strength of BC, Figure 16. The progressive evolution of BC roughness works on inhibition of residual 

stress at the TC's valley within TBCs since the large roughness results in lower stress levels, Figure 40. 

However, it also results in a stress concentration effect, which specifically has large effects on stress 

levels close to the tip of interfacial roughness. This explains the gradual raising of residual stresses at a 

valley of the TC when using roughness profiles characterized from late stages of thermal cycles. 

Comparing the resulting stress from either elliptical roughness or triangular roughness, possible 

failure mechanism related to the evolution of interfacial roughness can be analyzed. According to [52], 

[96], two possible failure mechanisms were identified for EB-PVD TBCs. These two failure 

mechanisms of EB-PVD TBCs differ partially based on the coating interface's roughness, that is a) the 

cracks nucleate from the voids formed at the TC/TGO interface; b) separation initiates at the ridge of 

the BC/TGO interface [52]. For cracks initiated within the TC, it is suggested that voids generated 

within the TC close to the interface are embryonic forms of horizontal cracks, which are introduced by 

the rumpling effect of the BC, followed by downward displacement of the TGO [82]. As the thermal 

cycle proceeds, larger voids generated from previous imperfections expand parallel to the interface due 

to further downward displacements of the TGO layer. Once two neighbouring voids coalescence, the 

failure-induced crack penetrates the interface between the TC/TGO layer, followed by spallation of the 

TC where failure is assumed, shown in SEM figures of Figure 42.  
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Figure 42 The growth of the TGO as the system cycles and the growth of imperfections by ratcheting [125] 

 

For the multi-layer cracks observed in EB-PVD TBCs, it is suggested that the first stage was 

nucleation of cracks within the BC. As the TGO thickens, large in-plane stress generated upon cooling 

leads to the out-of-plane tensile stress within the TGO [52]. Consequently, these neighbouring cracks 

penetrate the TGO scale and converge within the TC close to the interface. Figure 43 shows the cross-

sectional area SEM where the TC has already spalled from the TBC system.  



97 

 

 

Figure 43 The separation occurred entirely along with the TGO/bond coat interface [52] 

 

The bared BC surface and the remaining TGO ligament between two ridges of the BC indicate the 

trace of the cracks as analyzed above.  

According to [52], the failure mode regarding the crack identified at the BC peak was observed at 

an early stage among the batch of TBC specimens. This corresponds to the lower stress level identified 

at the valley of the TC at an early stage of the thermal cycle, with both forms of roughness 

approximation, Figure 38 (a) and (b), as compared to higher stress levels estimated at the peak of 

roughness, Figure 38 (c) and (d). On the other hand, those rumpling failures were identified on 

specimens that failed at intermediate lifetimes, together with cracks observed at the BC peak. The results 

for stress analysis in the current FE analysis are in accordance with the failure mechanisms described 

above. Therefore, the FE model's calculated stresses can be used to describe the failure mechanism of 

EB-PVD TBCs and the effect of the evolution of localized roughness as a function of thermal cycles.  

 

It can be summarized that at the beginning of life cycles, the relatively small and blunt-tip triangular 

roughness profile would be fast transformed into a form of elliptical roughness in a very short period. 
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This follows since the residual stress is rapidly relaxed due to significant creep behaviour triggered by 

massive flow stress within the BC close to the interface during the high-temperature dwell period. The 

transformed, relatively rounded valley of the TC generates a relatively small level of out-of-plane stress 

observed at the valley of the TC, which is not large enough for crack initiation, Figure 38 (a). However, 

with the significant large out-of-plane stress developed at the BC peak, it becomes a possible site for 

horizontal crack initiation, Figure 38 (c). As the thermal cycle proceeds as described above, the 

evolution of the interfacial profile gradually makes the roughness larger, resulting in a sharper tip 

undergoing plastic deformation. This brings stress relaxation during high-temperature dwell duration 

and changes the geometrical profile at the interface between layers. The elliptical approximated 

roughness evolves to triangular-formed roughness, which slows the generation of out-of-plane residual 

stress at the TC's valley, Figure 40. 

Nevertheless, during the intermediate to end of a life cycle, the out-of-plane residual stresses 

developed close to the tip of the valley of the TC increase as a consequence of stress concentration. The 

stress is large enough to initiate the crack, Figure 38 (b) and coalescence with the crack at the peak of 

BC due to comparable levels of out-of-plane stress, Figure 38 (d). The schematic diagram of the final 

resulting multi-layer failure cracks is illustrated in Figure 44.  
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Figure 44 The possible failure mechanism of EB-PVD TBCs at late life cycle stages: Multi-layers cracks 

are identified 

 

In addition, Hille et al. [178] conducted sufficient work based on numerical calculations and 

experimental results. The crack behaviour observed directly from samples under thermal cycling FCT 

has a good agreement with the numerical model, which predicts the crack growth close to the TGO 

under interface irregularities. The damaged area that the paper referred to focus on the interface between 

TGO and BC, where propagation of cracks paralleling to the interface is quantitatively evaluated 

through the crack length as a function of thermal cycles. The research in the present paper focused on 

both TC/TGO and TGO/BC interface. The cracking behaviour is proposed under quantitative evaluation 

on the out-of-plane stress state through FEA with the integration of a series of interfacial morphology 

captured by various stages of thermal cycles. Compared to Hille et al [50], the results might be similar 

to some extent, but the methodology we used is different.  
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3.5.  Conclusions  

 

This paper aims to improve the accuracy of estimated stress through FE analysis by incorporating 

temperature-process-dependent parameters into the FE model. The effect of interface roughness on 

stress distribution was investigated by using two types of specific roughness profiles. Specifically, 

based on the SEM cross-sectional images of EB-PVD TBCs, roughness profiles in terms of the 

amplitude and width of imperfections were developed to describe continuous saw-like or elliptical 

interfacial roughness profiles. Using the evolutional-based material properties combined with the phase 

transformation model, the FE study in this paper provides insight into the effects of gradual mechanical, 

thermal and inelastic behaviour of the metallic bond coat and oxide TGO to more-realistic smooth 

variations of residual stresses.  

The cyclic residual stresses at specific positions in the TBCs were calculated using temperature-

process dependent model parameters in FE models. Two main conclusions can be drawn from the 

results of the FE analysis:  

A) The residual stresses were calculated for specific cases 1) elastic topcoat, 2) sintering of topcoat, 

3) elastic topcoat (sintering) plus creep of bond coat and oxide TGO 4) Sintering topcoat with both 

creep and yielding of bond coat and oxide TGO for the given roughness profile. Comparing cases 1) 

and 2), it is noted that incorporating the sintering model into the topcoat reverses the cooling stress as 

it increases when temperature drops during thermal cycles. Comparing cases 2) and 3), it is concluded 

that swelling of TGO plays an essential role in facilitating the out-of-plane residual stresses developed 

within the topcoat. On the other hand, stress relaxation is implemented by including the strain-rate-

dependent creep model exerted on the BC and TGO layers. Comparison between case 3) and 4) suggests 

the importance of the strain-rate independent yielding model of the BC/TGO layer on stress distribution. 

The results show that it has a more profound effect on the BC's stress distribution by significantly 

smoothing the BC residual stress rather than within the TC layer.  
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B) The effect of different interface roughness profiles on residual stresses was also evaluated. It 

was observed that different stress levels are obtained from the resulting stress by using different 

interfacial roughness geometries in the FE calculation. The residual stress obtained from the elliptical 

roughness profile has lower stress levels in the TC and higher stress levels in the BC than the one 

obtained from the triangular roughness profile at the early stage of thermal cycles. Combined with the 

resulting stress calculated using a series of roughness profiles from different stages of thermal cycles, 

it is strongly indicated that the evolution of interfacial roughness is generated through plastic 

deformation of the BC to accommodate the relatively large residual stress. Correspondingly, the general 

trend of the developing stress is strongly affected by the shape of the evolving interfacial roughness, 

specifically at the tip of either the ridge of the BC or the valley of the TC where horizontal cracks might 

form at maximum out-of-plane residual stress.  
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4. The Effect of Interfacial Roughness on Residual Stresses in Electron Beam-

Physical Vapor Deposition of Thermal Barrier Coatings 

 

This chapter addresses objectives 1 and 2 by conducting failure mechanism analysis via parametric 

study based on the numerical FE model developed in chapter 3 for EB-PVD TBCs under thermal 

cycling environment. 
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Abstract  

 

Residual stresses play an essential role in determining the failure mechanisms and life of Electron 

Beam-Physical Vapour Deposition Thermal Barrier Coating system (EB-PVD TBCs). In this paper, a 

new transitional roughness model was proposed and applied to describing the interfacial roughness 

profile during thermal cycles. Finite element models were implemented to calculate residual stresses at 

specific positions close to interface of TBCs using temperature process-dependent model parameters. 

Combining stresses evaluated at valleys of topcoat (TC) and excessive sharp tip roughness profiles, 

positions where the maximum out-of-plane residual stresses occur were identified and used to explain 

possible cracking routes of EB-PVD TBCs as interfacial roughness evolves during thermal cycling.   

 

 

Keywords: Stress model, FE model, temperature-process dependent parameters, evolution of 

interfacial roughness, parametric study, transitional roughness approximated model 

 

 

 

 

 



104 

 

4.1. Introduction 

 

The residual stresses that develop close to the interface between layers play a significant role in 

determining the life span of an Electron Beam-Physical Vapor Deposition (EB-PVD) Thermal Barrier 

Coating (TBC) system. Many attempts have been made using analytical or numerical methods to 

estimate the stresses which are generated as a consequence of thermal expansion mismatch between 

layers and the growth of the thermally grown oxide (TGO) [64], [82], [95], [125], [133], [139], [143]. 

With additional factors taken into consideration and integrated into the stress model, calculated stresses 

and their distributions are expected to reflect the measured results, based on either isothermal or thermal 

cycling exposures. To date, process-dependent material properties have been shown to be significant in 

affecting the magnitude of stress levels, i.e., the variation of elastic modulus and coefficient of thermal 

expansion versus temperature, the change of strain rate dependent creep or strain rate-independent 

yielding behaviour. Even a variation of phase components during progressive oxidation of the bond 

coat (BC) accompanying the swelling rate throughout the whole thickness of the TGO layer also greatly 

affects the stress levels during thermal cycles. A few analyses also focused on the pattern variation of 

interfacial roughness profiles, where typical roughness parameters were measured from the observed 

microstructures and used to characterize the roughness profiles versus temperature and exposure 

duration. The characterized roughness parameters from thermal cyclic experiments are used as input 

data in the current study [93]. The cross-sectional images of TBCs were provided at different stages of 

lifetime to illustrate the roughness variation under thermal cyclic experiments [124]. The effect of 

additional factors on the TBC durability, such us the TC (topcoat) fabrication method, the high 

temperature, the cycle frequency and thermal gradient, were demonstrated with interaction of the 

interfacial roughness [67]. Different failure mechanisms of EB-PVD TBCs were developed based on 

the roughness level measured in the thermal cyclic experiments with respective energy release rate 

(ERR) calculated [52]. The effect of grit-blasting process on durability of EB-PVD TBCs are described 

[149]. However, less effort was made on how a change in interfacial roughness affects the development 

of residual stresses [67], [93], [124], both of which could be critical in determining the possible positions 
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where cracks nucleate at the maximum out-of-plane residual stresses estimated from the stress model. 

This, in turn, has a profound effect on determining the failure mechanisms of EB-PVD TBCs [52], 

[149].  

In this paper, the relationship between different roughness models and stress behaviour at critical 

positions where maximum stress levels could be obtained is analyzed. Finite Element (FE) models are 

established by using commercial finite element code ABAQUS. The method to characterize the 

roughness level of imperfections close to the interfaces is developed based on existing experimental 

data [92]. The material parameters of different layers are defined and integrated into the FE analysis. 

Parametric studies are conducted to examine the effect of geometrical parameters on the stress levels at 

specific positions within different layers including TC, TGO and bondcoat (BC). A transitional model 

is proposed to illustrate the impact of global distance between imperfections on stress levels within 

imperfections. Possible failure modes of EB-PVD are further explained using both the variation of 

global interfacial roughness and the stress at a valley of the TC and ridge of the BC.  

 

4.2. Compilation of parameters and integration into FE models using experimental 

data under thermal cycles 

 

The methodology used in the present chapter is similar to chapter 3.2 expect that the position of 

estimated stress is evaluated. The section that is overlapped with chapter 3.2 won’t be demonstrate here. 

 (d) Positions for residual stress evaluations  

 

Compared to prior work described in chapter 3.2 that focused on specific positions close to the interface 

where only the maximum residual stress was identified [87], the current work calculates residual 

stresses as a function of position. Therefore, by examining different locations in the FE analysis, it is 
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possible to find the maximum stress level at which the crack nucleates. Meanwhile, the relationship 

between the resulting stress and position is established, which, in turn, provides valuable information 

for establishing analytical stress models. The relative distance between the TC /TGO interface to the 

positions (y) are shown in Figure 45, at which the stresses will be evaluated specifically. 

 

 (a) 

 

 (b) 

Figure 45 The schematic diagram of positions where stresses are calculated, (a) the stresses within the TC 

and TGO layer, (b) the stresses within the BC layer 
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4.3. FE model 

 

The methodology used in the present chapter is identical to chapter 3.3, which won’t be demonstrate 

here. 

 

4.4. Results and discussion 

 

4.4.1. Parametric study of the effect of local geometrical parameters on stress distribution of 

TBC  

 

The magnitude of residual stress at a valley of the TBC/TGO interface is governed by not only 

temperature-dependent material properties such as sintering of the TC and inelastic behaviour of the 

TGO and BC, but also by the interface roughness between each layer [18], [67], [117] characterized 

using temperature-process dependent localized geometrical parameters. To analyze the effect of those 

parameters on residual stresses, a parametric study is conducted where an isosceles triangle is used to 

approximate the interfacial roughness profile. Three parameters are incorporated into the FE model: (i) 

A  is amplitude and indicates the height of a triangle, (ii) W  is the width and indicates the length of 

the bottom side of triangle applied to defining the shape of triangular imperfection, and (iii) the position 

y  is used to describe the locations ( , ,TC TGO BCy y y ) where the stresses are evaluated, Figure 46. 
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(a)                                   (b) 

 

(c) 

Figure 46: Schematic diagram of individual interfacial roughness profile used for a parametric study where 

amplitude, width, TGO thickness as well as positions are illustrated for different layers. 

 

To characterize the effect of each parameter on stress, a parametric study using the controlled 

variants is applied to the FE analysis. At position y , residual stresses are calculated while allowing 

variations of amplitude A  and width W . Also, for a given amplitude A and width W, stresses are 

calculated at various positions y . A reference set of parameters used to characterize the roughness 
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profile are selected from experimental results at the failure cycle of 177 hours of TBC exposed at 

1151oC. The geometrical parameters used in the FEA model are presented in Table 4.  

 

Table 4  Reference set of roughness parameters used in the FE model at N=177 hours at 1151oC [92]. 

Properties Value Unit 

Amplitude A 4.12 μm 

Width W 13.76 μm 

Total TGO thickness TGOd  4.92 μm 

Relative position 

TC BCy or y  

1.27 (TC) or 0.43 

(BC) 

μm 

 

(a) The effect of roughness amplitude on stress at the valley of TC and ridge of BC  

 

The effect of roughness amplitude on residual stress is analyzed for both the TC and BC layer. In 

addition to the amplitude A  for the reference group, 0.5A  and 1.5A  of the amplitudes are also 

used for FE calculations. The resulting stresses, together with those from the reference group, are used 

to assess a correlation of out-of-plane residual stresses versus amplitude. The models depicting the 

geometric roughness are presented in Figure 47. 
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Figure 47 Amplitude variation of (a) 0.5A , (b) A  and (c) 1.5A  listed from left to right where the rest 

of the parameters are kept constant 

The stresses from the valley of the TC are calculated and plotted in Figure 48 as a function of time. 

 

 

Figure 48 Out-of-plane residual stresses at the valley of TC with different roughness amplitude as thermal 

cycle proceeds 
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It was suggested in [95] that increasing the amplitude of imperfection roughness would increase 

the stress close to the interface, since the stress concentration is boosted by increasing sharpness at the 

tip of roughness. However, the red curve in Figure 48 shows an opposite effect on stresses in a large 

roughness amplitude. Because the positions with respect to the interface are identical for these three 

cases in the FE model, the deeper the amplitude used in interfacial roughness mapping, the narrower 

the tip at the valley of the TC. It seems that there is an inhibitive effect on the stress estimated at the tip 

of the TC as the sharpness of the geometrical roughness reaches a critical value. This is reflected by a 

lower stress obtained from the valley of the TC when 1.5A  amplitude is used in the FE model. For the 

stress obtained from the peak of the BC, different amplitudes exerts a profound effect on stress level 

according to the FE results, as can be seen in Figure 49. 

 

Figure 49 Out-of-plane residual stresses at peak of BC with different roughness amplitudes as thermal 

cycle proceeds 
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It is observed that most of the roughness develops during the rumpling of the BC as a consequence 

of creep during high-temperature exposure. The creep proceeds to accommodate large mismatch stress 

during a fast heating period. The amplitude of the roughness of the BC surface is directly affected by 

the rumpling kinetics, resulting in further increase of stress and delamination crack nucleation at the 

TGO/BC interface. However, for the stresses distributed within the TC, according to the failure analysis 

in [4][17], it is at the middle stage of thermal cycling that delamination cracks are generated by 

coalescence of voids located at the valley of the TC. This may indicate that as the thermal cycle proceeds, 

the increase of roughness amplitude facilitates the development of out-of-plane residual stress at the 

valley of the TC, while the out-of-plane stress developed at early stage of thermal cycles with initial 

roughness amplitude is not large enough to initiate crack nucleation. This avoids early crack generation 

within the TC layer.  

(b) Effect of roughness width on stress at the valley of TC and ridge of BC  

Similar to the analysis in the preceding section, the effect of roughness width W on residual stress is 

analyzed for both TC and BC layers. In addition to the width W  from the reference group, two other 

cases of 0.5W and 1.5W width were studied. The models depicting the geometric roughness are 

presented in Figure 50. 
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Figure 50 Width variation of (a) 0.5W  (b) W  and (c) 1.5W  listed from top to bottom where the 

remaining parameters are kept constant 

 

The stresses at the valley of the TC versus exposure duration are plotted in Figure 51. 
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Figure 51 Out-of-plane residual stresses at the valley of the TC with different roughness width versus 

thermal cycle 

 

Based on Figure 51, it appears that the narrowing width W  has a similar effect as increasing the 

amplitude A  on stress distributions. That is, higher stresses are expected for rougher interfacial 

roughness, characterized either by a higher amplitude (the blue curve in Figure 48) or by a narrower 

width at the middle stage of thermal cycles (the green curve in Figure 51). However, it should be noted 

that with an invariant width of the overall TBC FE model, the amount of roughness varies as a function 

of the individual width of imperfections, Figure 50. It is obvious that more imperfections will be 

incorporated into FE calculations as the width of individual imperfections is assumed to be narrower. 

Although there is a rapid growth in residual stress calculated from narrower roughness profiles (the 

green curve in Figure 51), a lower stress state is obtained initially. This phenomenon can be explained 

in two aspects. On the one hand, the narrower roughness profiles boost the stress concentration at the 

valley of the TC, which in turn raises the stress on individual imperfections; this can be seen for the 

calculated stresses at the peak of the BC, Figure 52. On the other hand, the intensive interaction between 
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relatively close neighbouring imperfections impedes the development of out-of-plane tensile stresses 

within the TC.  

 

 

Figure 52 Out-of-plane residual stress at the peak of BC with different roughness width as thermal cycle 

proceeds 

 

(c) Correlation between positions and stresses at the valley of TC and ridge of BC  

The residual stresses were calculated under different amplitudes and widths. Meanwhile, the calculated 

stresses are different at selected positions at the bottom of the TC and ridge of the BC. Five relative 

positions with different “y” in Figure 45 are selected at the valley of the TC and ridge of the BC close 

to the interface, where a total of ten residual stresses are calculated, respectively. The geometry of 

interfacial roughness is characterized using roughness parameters measured at 177 cycles based on 

amplitude and width experimental data, Table 4. The maximum out-of-plane cooling stresses calculated 

at different positions away from the valley of the TC are plotted versus time in Figure 53.  
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Figure 53 Out-of-plane tensile stresses calculated at the valley of the TC as a function of time at various 

positions 

 

It is expected that a higher level of stresses close to the interface is due to larger strains from either 

coefficient of thermal expansion mismatch (CTE mismatch) between different layers or volumetric 

expansion due to oxidation of the BC layer. It can also be seen that stresses away from the interface 

increase uniformly compared to those close to the interface. Concerning the complexity of multi-layers 

in TBC, there exists a relatively large fluctuation of residual stresses close to the interface within the 

TC. Moreover, it should be mentioned that residual stresses are calculated for the roughness profile 

with an amplitude equal to 4.12 m. The cyan curve of stresses illustrated in Figure 53 is at the position 

of 5.16 m away from the valley of the BC, a position that is located outside of the valley of TC. The 

general trend of all curves, including the cyan curve, suggests that the out-of-plane residual stress 

decreases when moving away from the valley of the TC.  

It can be expected that the possible region of cracks where the maximum out-of-plane stress occurs 

is close to the interface within the valley of the TC. However, it was observed that the positions where 

the maximum stress occurs are shifted away from the bottom of the TC valley, as previously mentioned. 
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This is possible for some interfacial roughness observed from the experimental cross-sectional area; for 

example, the interfacial roughness with a very sharp tip where the ratio of amplitude over width exceeds 

a critical value.  

The higher maximum out-of-plane cooling stress is also obtained close to the interface at the ridge 

of the BC, as seen in Figure 54. Similar to the residual stresses at the valley of the TC, there is a high 

possibility for crack nucleation at the peak of the BC close to the interface where the highest out-of-

plane residual stress occurs.  

 

Figure 54 Out-of-plane tensile stresses calculated at the ridge of the BC as a function of time at selected 

positions 
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4.4.2. Generalized imperfection model and the impact of distance between imperfections on 

stress distributions 

 

One of the geometrical parameters used to model the roughness profile, the width of the bottom side of 

the imperfection, is derived using experimentally measured tortuosity. According to the schematic 

diagram of triangular approximated roughness in Figure 23, the tortuosity can be expressed as, 

 
2

L

b
T

W


=  (36) 

For a single imperfection described in the form of a triangle, the larger the tortuosity, the sharper 

the angle of the valley. As can be seen in Figure 55, for those two triangular-shaped imperfections, 

assuming the amplitudes are identical ( A A= ), the imperfection shown in Figure 55(b) has higher 

tortuosity than the one in Figure 55(a) (
L LT T  ). According to Equation (21), the one with higher 

tortuosity has a narrower width, which is shown for a single imperfection model in Figure 55.  
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Figure 55 Schematic diagram describing the relationship between tortuosity and width of interfacial 

roughness imperfection for a single imperfection 

 

However, for multiple imperfections closely located at the interface, it becomes more complicated 

to estimate the tortuosity for a defined length of the roughness profile. As can be seen in Figure 56, it 

is still assumed that the amplitudes are identical for triangular approximated imperfection ( A A= ). 

This indicates that the tortuosity is higher for the individual “narrower” imperfection in Figure 56(b) 

than the “wider” one in Figure 56(a). However, this discrepancy can be supplemented by adding 

additional “wider” imperfections within a defined length. The tortuosity for two sets of connected 

imperfections, according to Figure 56, might be identical (
L LT T ).  
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Figure 56 Schematic diagram describing the relationship between tortuosity and width of interfacial 

roughness imperfection for multiple imperfections 

 

However, it is obvious that the width of an individual imperfection is not the same in the roughness 

profile of Figure 56(b) as the one in Figure 56(a). This indicates that Equation (21), which is used to 

estimate the width of the bottom side for interfacial roughness for connected imperfections, is not able 

to describe the roughness profile when there is the spacing between two imperfections. 

The results from the preceding analysis provide a different way to understand the physical 

implication of tortuosity such that a transitional roughness model is introduced. This transitional model 

becomes the intermediate between the most simplified continuous roughness model and the generalized 

model observed from cross-sectional SEM images, Figure 57. 
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Figure 57 Different models used to describe the interfacial roughness profile (a) Continuous roughness 

model, (b) Transitional roughness model, (c) Generalized roughness model 

 

According to the profiles of the metal/oxide interface at various stages of thermal cycling in Figure 

58, it is appropriate to consider the most simplified continuous roughness model of Figure 57(a) to 

represent the roughness profile at the initial stage of thermal cycling, where small connected saw-like 

imperfections dominate. It can also be treated as the intermediate section between two large 

imperfections at a post-failure stage, where similar roughness profiles can be identified as described 

above. 
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The transitional roughness model described in Figure 57(b) is proposed to simulate the roughness 

at a post-failure stage, Figure 58. The imperfections shown in Figure 57(b) indicate two large 

imperfections, as highlighted in the circle in Figure 58, where relatively high-stress levels could be 

localized somewhere at the bottom of the imperfections. The straight line between two imperfections 

in Figure 57(b) represents the small imperfections in the roughness at a post-failure stage in Figure 58, 

which will not have a large impact on the stress within the large imperfections. It should be noted that 

in reality, either the distance between two imperfections or the amplitude of roughness could be varied 

at different measured positions at interface between layersFigure 57(c). These parameters are taken as 

their mean values (constant) for the parametric study described below. 

 

Figure 58 Profiles of the metal/oxide interface extracted from cross-sectional images at various stages of 

thermal cycling, illustrating the continuous evolution of interface morphology during cyclic exposure [149] 
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Knowing that distance between imperfections is a global factor compared to the geometrical 

parameters that are used to characterize the geometry of localized imperfections, it is necessary to 

conduct another parametric study to evaluate the possible effect of the spacing parameter ( D ) on the 

stress level, Figure 56. The spacing parameter ( D ) is incorporated into the FE models, and other factors, 

such as the size of the imperfection itself (the amplitude and width), are held constant. The parametric 

study in the current section only deals with the effect of the global parameters on the stress levels at the 

valley of TC.  

Accordingly, an equation describing the new width of local imperfections is required when spacing 

is used in the FE model. The spacing incorporated via the tortuosity becomes  

 
( )

0

2 1
=
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b N N D
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L

 + −
 (37) 

where b  is the new length of the hypotenuse of the isosceles of triangular-approximated roughness 

profile after the spacing parameter is included in the FE model. Furthermore, 
rN  is the number of 

imperfections at the interface of the current FE model, D  is the spacing parameter and 0L is the total 

width of the roughness profile described in the FE model, Figure 56. Based on the definition of an 

isosceles triangle, the new width of the isosceles in triangular-approximated roughness is defined as 

 2 22LW b A= −  (38) 

where LW  defines the local width of the isosceles in triangular-approximated roughness. Substituting 

equation (38) into equation (37), the new width of the isosceles in triangular-approximated roughness 

with a defined number of imperfections N can be obtained from 
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Equation (39) only works once equation (37) is satisfied. That is,  
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 ( ) 01L r rW N N D L + −  =  (40) 

In other words, the spacing parameter has to be determined once the number of imperfections is 

defined. The spacing could be obtained by substituting equation (39) into equation (40) to yield, 
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In this study, the amplitude A  and tortuosity LT  of roughness are characterized from a reference 

group, Table 4, as the transitional roughness model simulates the roughness at a post-failure stage. The 

total width of the roughness profile 0L  was selected as 300 m since it is wide enough to incorporate 

roughness with spacing integrated into the model. The global spacing parameter D  and local width 

LW  of imperfections are described as a function of the number of imperfections in the FE model, Figure 

59. It is noted that equations (39)-(41) are validated, as there is no spacing between imperfections 

where the maximum width of local imperfections equals approximately 13.76μm when most 

imperfections are incorporated into the FE model, Table 4. Importantly, even if the tortuosity and 

average amplitude are predetermined for a specific number of cycles, it can be seen from Figure 59 that 

the interfacial roughness profile still needs to be determined from the number of noticeable 

imperfections 
rN  within a defined length of interfacial roughness. Figure 60 illustrates different 

roughness profiles with the same combination of tortuosity and amplitude but different local widths and 

spacing parameters. Details are given in Table 5.  
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Figure 59 Global spacing parameter D  and local width of imperfection 
LW  as a function of the number 

of interfacial imperfections 

 

Table 5 Parameters used in FE analysis in terms of the global spacing parameters 

No# of FE 

model 
( )D m  ( )LW m  

No# of 

imperfections 

a 33.68 3.391 9 

b 17.44 6.977 13 

c 7.95 10.16 17 

d 1.164 13.18 21 
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For all FE cases 

( )A m  4.12 

( )TGOd m  4.92 
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Figure 60 Interfacial roughness profile for different spacing between imperfections 

 

In other words, all four roughness profiles illustrated in Figure 60 are possible interfacial roughness 

profiles for the post-failure stage when the number of noticeable imperfections 
rN  is selected based 
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on Figure 59. The results of the maximum cooling stresses within 5000 minutes calculated from the 

valley of the TC are plotted in Figure 61.   

 

Figure 61 Results of the calculated out-of-plane thermal stresses within the TC with respect to spacing 

between imperfections 

 

Combining the observation based on the profiles of metal/oxide interface extracted from cross-

sectional images at various stages of thermal cycling in Figure 58, it is expected that at the beginning 

of thermal cycles (thermal cycles < 1500 cycles), the increasing stress is facilitated for roughness 

profiles with a wider local length and narrower spacing between neighbouring imperfections that can 

be treated as a plateau between neighbouring imperfections. Nevertheless, the resulting current stress 

from different transitional roughness models only indicates the variation of stress level at a post-failure 

stage of lifetime, since the amplitude and tortuosity parameters used in equation (39) and equation (41) 

are obtained at 177 cycles from cyclic experimental data and fitted into FE models. There exists a 

potential to describe the geometrical variation for transitional roughness models throughout the life span 

since the amplitude and tortuosity in equation (39) and equation (41) have been recorded as a function 
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of thermal cycles [92]. The challenge is to determine the number of noticeable imperfections N as a 

function of thermal cycles, equation (41) and therefore, it is difficult to define the spacing D as a 

function of time.  

However, it was suggested that the roughness level increases as the thermal cycle proceeds [92], 

[142], [149]. This indicates that the number of noticeable imperfections 
rN  should increase as the 

time approaches the failure time. Incorporating the trend of increasing 
rN  into equation (39) and 

equation (41), it can be qualitatively confirmed that the spacing between neighbouring imperfections 

decreases and the local width increases as a function of time, which demonstrates that the evolution of 

interfacial roughness might follow the sequence (a) to (d) in Figure 60.    

The stresses described in the preceding sections are the maximum out-of-plane residual stresses 

upon cooling during thermal cycles. For cases of extreme roughness profile in the current study, e.g., 

the case (a), the ratio of amplitude over local width is greater than unity. It is not surprising that the 

black curve has the highest rate of increasing stress among all curves in Figure 61 since it has the 

narrowest width that boosts the stress concentration. It is also not surprising that there exists a stress 

inversion as the thermal cycle proceeds. It occurs due to a lack of relatively close neighbouring 

imperfections, as mentioned in section 4.4.1(b). This phenomenon is position-dependent as the current 

position is located at approximately 1.27 m away from the bottom of the TC, Table 4. There is a 

relatively large variation of stresses as a function of time as the position shifts up or down towards or 

away from the interface.  

The introduction of the transitional roughness model gives a proper explanation of the geometrical 

implication of tortuosity considering global factors. At the same time, it helps the FE model approach 

the actual cross-section in experimental observation. Theoretically, the experimentally-measured 

interfacial roughness parameters, characterized by either amplitude, tortuosity and growth of TGO 

thickness, are statistically mean values within a defined length of interfacial roughness profile during a 

defined period of the thermal cycle. In reality, the measured value of amplitude, local width for each 

individual imperfection, as well as spacing between neighbouring imperfections are randomly 
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distributed, as indicated by Figure 57(c) and Figure 58. To simulate this, a generalized roughness model 

is established with randomly distributed roughness parameters and integrated into the FE model and 

shown in Figure 62. For the case of an interface with a randomly distributed roughness profile, the 

calculated stress becomes more complicated at the valley of the TC, where excessively sharp tip 

roughness-imperfections are identified.  

 

 

Figure 62 Generalized roughness model using a randomly distributed roughness profile 

 

4.4.3. The effect of stress distribution on positions of cracks within TC and TGO layers 

 

As described in the preceding section, the width of the bottom side estimated by equation (21) fails to 

characterize the roughness profile when there is spacing between two imperfections. To characterize 

the interfacial roughness profile at a post-failure stage, a transitional roughness model is proposed where 

the effect of spacing between imperfections is described by adding parameters into the FE model, 

equation (41). Generally speaking, the concept of width of imperfection is redefined as the local width 

of imperfections LW , which is no longer limited to the description of the length of the bottom side of 
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the triangular-shaped imperfection, Figure 55. On the other hand, the amplitude measured from 

experimental data takes the average value according to 

 2

1

2
2

N

i

i

A RMS y
N =

= =   (42) 

The parameters measured experimentally are all average values and provide a general trend as a 

function of the number of cycles and temperature. In “true” roughness profiles described by the 

schematic diagram in Figure 57(c), the magnitude of amplitude, as well as the width of imperfections, 

are randomly distributed for individual imperfections. Compared with the true roughness profile from 

cross-section images extracted from SEM [149], it is possible that the roughness profile model 

established by using average geometrical parameters from experimental data fails to reflect the “true” 

roughness profile at the interface where deep, sharp imperfections could possibly exist at the post-

failure stage, as indicated by the highlighted circles in Figure 58. 

Deep, sharp imperfections simulated using triangular-shaped roughness profiles imply a relatively 

high ratio of /A W , as illustrated by Figure 55. This will lead to a stress singularity at the valley of the 

TC close to the interface. In order to examine the effect of sharpness on the stress distribution, 

imperfections with a high ratio of /A W in the continuous roughness model with 1.5 times amplitude 

are selected, Figure 47(c). Out-of-plane residual stresses are then calculated at different positions away 

from the valley within the TC. In order to compare the difference of residual stresses at the valley of 

the TC estimated from the FE model, the positions where stress is calculated are selected close to the 

ones in Figure 53, where original amplitudes were used in the FE modelling process. 

The resulting out-of-plane residual stresses are shown in Figure 63 and are compared with the 

stresses obtained by using the regular roughness-amplitude FE model, Figure 53.  
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Figure 63 Out-of-plane residual cooling stresses calculated at the valley of TC as a function of time with 

several selected positions using 1.5A roughness amplitude 

 

It is confirmed again that out-of-plane residual stresses are impeded by the excessive increase in 

amplitude where a relatively large ratio A W  is expected, especially for stresses close to the interface. 

This can be seen from the difference in stress magnitude at shallow positions of the bottom of the TC, 

indicated by the black curve in both Figure 53 and Figure 63. A rapid reduction of stress is identified at 

initial cycles in varying degrees at different positions. However, all curves remain uniformly increasing 

throughout the entire calculating time. The cyan curve, similar to the preceding section, indicates the 

residual stresses outside the valley of the TC. Except for the difference in stress level, there is no 

discrepancy for stress outside the valley compared to those within the valley, with respect to a general 

trend of increasing stress. There are no significant differences between the two cyan curves in Figure 

63 and Figure 53, yet we obtained stress singularity for a large ratio of A W  in the transitional model 

in Figure 61. Hence, it is strongly suspected that the lack of difference related to the general trend of 
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stresses between the two FE results is due to the excessively close neighbouring imperfections simulated 

from a continuous roughness model that inhibits the variation of residual stresses, as described in section 

4.4.1(b).  

Stress in the transitional roughness model Figure 60(a) is determined at different positions away 

from the valley of the TC and shown in Figure 64. It is obvious that there are large discrepancies 

between the stresses obtained at different positions compared to the stresses obtained through the 

continuous roughness model. These discrepancies can be explained by the little effect of interaction 

between neighbouring imperfections on the individual stress level, as there is larger spacing between 

neighbouring imperfections for the transitional roughness model. 

 

 

Figure 64 Out-of-plane residual cooling stresses calculated at the valley of the TC as a function of time at 

several positions using the transitional roughness model 
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In contrast to Figure 63, the out-of-plane residual stresses close to the valley of the TC (0.31 m 

away ), indicated by the black curve in Figure 64, are in compression within the entire 5000 minute 

thermal cycles. This is considered to impede the nucleation and propagation of cracks parallel to the 

interface. A rapid stress increase is found for stresses just a little above the first position, represented 

by the red and green curves, respectively, accompanied by a stress inversion, which occurs as a function 

of position and time. With the positions moving into the shallower portion of the TC, there is an obvious 

decrease in stress level calculated at 4.17 m and 5.23 m away from the bottom of the valley in the 

TC in later thermal cycles. Similar to the analysis in the preceding section, the cyan curve describes the 

general trend of residual stresses outside the valley of imperfections. Considering the possible positions 

where the maximum out-of-plane stress occurs, it is reasonable to expect that a crack might develop 

somewhere around intermediate positions (positions between 1.33 m and 2.75 m away from the 

bottom of the TC as indicated in Figure 64) as the total roughness amplitude is assumed to be about 

4.12 m.  

It is observed that the onset of stress inversion varies as a function of position. It could be expected 

that the red curve, which has the most rapid growth rate, reaches the critical stress level that triggers the 

initiation of a horizontal crack. However, it is noted that the time for stress inversion for the red curve 

occurs relatively late in the thermal cycle. This might indicate that the initiation of a horizontal crack 

as residual stresses reach critical value could be delayed, which is in agreement with experimental 

observations [52].  

According to the stress analysis above, it can be concluded that the onset of residual stress inversion 

occurs earlier (black-red-green) as the calculated positions move perpendicularly away from the bottom 

of the TC /TGO interface. This implies that stress at shallower positions might reach the critical level 

that initiates a horizontal crack at an earlier stage of thermal cycle. However, current FE models are 

established where residual stresses are calculated without consideration of interfacial roughness 

evolution as a function of time. We note that the interfacial roughness grows as a function of the thermal 

cycle, which implies the shortening of spacing between neighbouring imperfections and the widening 

of local width for individual imperfections. This, in turn, implies that the positions where the possible 
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maximum residual stress occurs could also move close to the bottom of the valley within the TC, as 

indicated by positions where the maximum stress is identified in Figure 63. Combining the schematic 

diagram in Figure 65 and failure mechanism summarized in [32], and assuming that the shape of the 

roughness of an individual imperfection becomes sharper as the thermal cycle proceeds, the stress 

conditions at the valley of the TC may change.  

 

Figure 65 Failure of an EBPVD TBC system driven by a cyclic instability in the thermally grown oxide 

layer[32] 

 

In order to describe the relationship between positions of maximum stress and possible crack 

initiation, several stages need to be examined for the entire lifetime with respect to the roughness profile. 

For Stage “0”, the interfacial roughness at the beginning of the thermal cycle is described in Figure 58 
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“0 cycles”, where relatively small and uniformly distributed roughness imperfections are identified 

close to the interface between the TC and the BC, and where the thickness of any pre-existing TGO 

layer is neglected. The interfacial roughness can be profiled using the continuous roughness model and 

average roughness parameters from the initial stage of the thermal cyclic experimental results. The 

maximum residual stress at stage “0” at the initial thermal cycle can be found close to the valley of the 

TC, although the magnitude of the residual stress is too small to initiate horizontal crack nucleation.  

For stage I, as indicated in Figure 65(a), the growth of a few small imperfections could be expected 

and described as the transitional roughness model with relatively large spacing and short local widths, 

Figure 60(a). Since there is little interaction between neighbouring imperfections, the rapid growth of 

valley stress could be expected. It is noted that as the increase in amplitude raises the sharpness of the 

imperfections, it also facilitates the growth of out-of-plane residual stress to a certain degree. There 

might be an initiation of horizontal cracks somewhere at intermediate positions where stress inversion 

takes place within a short period of time (Figure 64, positions between the red and green curve). This 

rapidly increasing stress is balanced by the creep effect of the BC, especially for the area close to the 

interface where massive stress relaxation takes place during the high temperature holding time. The 

creep effect is also reflected by the increase of roughness level, where more imperfections are formed 

due to inelastic deformation as the thermal cycle proceeds. The resulting shortening of spacing 

parameter and widening of local width, as well as the growth of roughness amplitude (represented by 

stage II in Figure 65(b) and 34% to 76% of life cycles in Figure 58), facilitates interaction between 

neighbouring imperfections and thus inhibits the growth of residual stresses.  

Stage II in Figure 65(b) can be described in Figure 60(b) and Figure 60(c) for FE mapping. 

According to the results from the preceding analysis, the positions of the maximum residual stress start 

to move back to the valley of the TC. Since the horizontal crack propagates already at a relatively 

shallow position during stage I, the positions of maximum residual stress might shift the possible 

cracking positions down, or alternatively, might cause the downward extension of the crack 

accompanied by an expansion of the crack size perpendicular to the interface within the valley of the 

TC, as indicated in Figure 65(c).  
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As the thermal cycle approaches the post-failure indicated by stage III in Figure 65(c), the 

appropriate FE model is described by either Figure 60(d) or the continuous roughness model where 

geometrical roughness parameters are taken from experimental data of the post-failure stage thermal 

cycle. According to the stress analysis in the preceding section, the maximum residual stresses are 

identified at the bottom of the valley within the TC in Figure 53, where the crack is expected to 

propagate along with the interface.   

The generalized roughness model is introduced with a relatively large roughness level at the 

interface to attempt to profile the randomly distributed peaks and valleys formed at post-failure stages 

during cyclic thermal simulation, Figure 58. For stress calculated at a shallow valley with low roughness 

amplitude, the general trend for out-of-plane residual stresses is the same as the one obtained in the 

continuous roughness model, i.e., the residual stress is tensile and decreases as the positions move 

perpendicularly away from the bottom of the TC. However, for stress at a deep valley with high 

roughness amplitude, the maximum out-of-plane residual stress has unrealistic values and is 

concentrated at the tip of the bottom of the valley of the TC, as indicated in Figure 66.  
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Figure 66 Valley stress at the tip of the bottom at the valley of the TC obtained 

from the generalized roughness approximated model 

 

As the results are obtained from the perfect non-cracking FE model, it is reasonable to consider 

that the magnitude of the stress is large enough to facilitate the crack propagation along the interface 

between the TC /TGO layer. 

It can also be seen that the general trend for residual stresses in Figure 66 is similar to the red curve 

in Figure 48, where the residual stresses are from closely-located imperfections using the continuous 

roughness model. There also exists a stress singularity within the TGO layer, in particular at 

imperfections with relatively large roughness. For imperfections with small roughness levels, the 

variation of residual stress within the TGO layer is illustrated in Figure 67. It shows the stresses at two 

randomly selected cycles through FE results.   
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Figure 67 The out-of-plane cyclic residual stress within the TGO layer using a model with small roughness 

imperfections under cyclic thermal conditions 

 

It is concluded that the magnitude of compressive residual stress increases to the maximum level 

upon cooling and decreases within about 10 minutes during the reheating period. The overgrowth tensile 

stress upon the heating process is rapidly relaxed due to the creep effect at high temperatures, resulting 

in a stress-free state during the holding period. The magnitude of out-of-plane compressive residual 

stresses within the TGO layer decreases as the thermal cycle proceeds [52], [53], [92], [142]. However, 

there exists a tensile state for TGO residual stress calculated close to the TC /TGO interface with a 

relatively large roughness profile, as can be seen in Figure 68. 
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Figure 68 The maximum residual stress calculated within the TGO close to the TC /TGO interface 

 

It should be noted that the “holding stress” is different from the stress obtained in Figure 67, and 

increases as a function of thermal cycles. This stable increase of holding stress is a consequence of the 

geometrical discontinuity at the tip of roughness, where the excessive geometrical sharpness results in 

significant pressure onto the TGO material concentrated in that area. This leads to the failure of stress 

relaxation. Since stress relaxation is limited during high temperatures, there exists a tensile stress state 

at the end of the heating process during thermal cycles. This holding stress remains tensile, and its 

magnitude increases as the thermal cycle proceeds, which leads to a relatively large magnitude of out-

of-plane tensile stress at the interface close to the TC /TGO layer. Therefore, it is plausible to expect 

that the penetration of the horizontal crack occurs at a valley of the TGO layer close to the TC /TGO 

interface by the convergence of separated cracks within the TC and BC.  

Compared to TGO residual stress close to the TC /TGO interface, the stress near the TGO/BC 

interface is close to the regular stress state of the TGO layer, Figure 69. The cooling stress shows an 

initial increase of tensile stress and a rapid decrease until reaching the large magnitude of compressive 
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stress. The initial increase of stress indicates the stress from untransformed metallic BC, and then a 

rapid decrease suggests the material is undergoing phase transformation. The remaining portion of 

compressively decreasing out-of-plane stress indicates a typical stress behaviour of fully transformed 

TGO layer at later thermal cycles, the blue curve in Figure 69 shows the general trend of cooling stress 

of a TGO layer that undergoes phase transformation from metallic Platinum modified aluminum layer 

(Pt-Al) to predominated alpha-alumina layer [53], [64]. Although it has a similar sharp roughness with 

a high ratio of A W , it is found that the significant creep behaviour of BC reflected by the large creep 

prefactor shown in Equation (14) would rapidly relax the stress close to the interface of BC/TGO layer, 

which explains that the stress singularity calculated within the TGO close to the TC/TGO interface 

(Figure 68) would be hardly observed within TGO close to the BC/TGO interface (Figure 69). 

 

 

Figure 69 The maximum residual stress calculated within the TGO close to the TGO/BC interface 
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4.5. Conclusions  

 

In this paper, FE models that use temperature-process dependent model parameters were developed, 

and the out-of-plane residual stresses are calculated for EB-PVD TBCs at maximum cooling point under 

thermal cyclic conditions. The interfacial roughness was characterized based on cross-sectional images 

from SEM, where the roughness amplitude and width of the bottom side of imperfections are defined 

to describe the continuous saw-like interfacial roughness profile. The FE models were implemented by 

using transversely isotropic elastic properties, and a parametric study was conducted to determine the 

effect of different roughness levels on stress distributions on different layers. Based on a different way 

to comprehend the physical implication of tortuosity, a transitional roughness model was developed to 

characterize the spacing between imperfections with a redefinition of the local width of triangular-

approximated roughness. The transitional roughness model provides a good approximation to simulate 

roughness between mid-stage to post-failure stages. These developments permit the cracking position 

to be described as a function of time with the evolution of interfacial roughness and shifting of identified 

positions of maximum stress. The stress singularities can also be identified at extremely sharp 

imperfections using either the transitional roughness model or generalized roughness model. 

Specifically, by calculating stress at different positions within both the TC and TGO layer, the influence 

of which on possible positions where the crack from different layers coalescence is revealed.  
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5. Crack Driving Forces of Atmospheric Plasma Sprayed-Thermal Barrier 

Coatings under Burner Cycling and Isothermal Furnace Cycling Testing 

Conditions 

 

 

This chapter addresses objectives 1 and 2 by estimating the energy release rates through analytical 

solutions for APS-TBCs under different thermal cycling environments. 
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Abstract  

 

The high temperature operation service condition can be used as a working environment to evaluate the 

durability of Atmospheric Plasma Sprayed-Thermal Barrier Coating systems (APS-TBCs). To evaluate 

the durability of TBCs within their life span, two different thermal cycling tests, i.e., isothermal furnace 

cycling and burner rig cycling tests, are designed to investigate the possible crack driving forces that 

might lead to the failure of TBCs. Although there are many existing analyses on failure and life 

prediction, there still is a lack of quantitative evaluation and comparison on the crack driving forces 

under these two different thermal cycling schemes. In this paper, by using revised analytical models, 

strain energy release rates (ERRs) are estimated and compared between these two testing approaches 

using experimental data. A new residual stress model is then developed to study the position where the 

maximum residual stress occurs due to coefficient of thermal expansion (CTE) mismatch at different 

thermally grown oxide (TGO) thicknesses. The main crack driving forces are identified for two types 

of thermal cycling experiments. A possible cracking route is found based on the calculated equivalent 

ERRs with respect to distance from the interface between the topcoat (TC)/TGO layers. The relationship 

between crack driving force of isothermal furnace vs. burner cycling tests is also elaborated. 

 

 

Key words: Crack driving forces, isothermal furnace cycling test, burner cycling test, energy 

release rate, CTE mismatch, TGO growth, thermal gradient, thermal shock, cracking route.  
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5.1. Introduction 

 

The durability of Thermal Barrier Coating systems (TBCs) plays an essential role in determining the 

reliability of hot section components of gas turbine engines, thus directly affecting their applicability 

under different harsh service conditions [125], [179]–[184]. However, it is a challenge to evaluate the 

durability of TBCs during regular service life since a high cost is required to track and identify the 

failure mechanisms of a TBC. To date, experiments at selected high temperatures were designed to 

investigate possible cracking driving forces that could lead to the propagation of microcracks and 

spallation of the topcoat (TC) [79], [131], [143], [185]–[189]. Among various tests, the thermal cycling 

test is able to provide useful information that can measure the durability of TBCs. It is known that 

thermally grown oxide (TGO) is formed during the high temperature dwell period due to progressive 

oxidation of the metallic bond coat (BC) layer, facilitating crack propagation along the TC/TGO layers 

or penetrating the TGO scale at the final stage of the TBC’s lifetime. A large residual stress is induced 

as a consequence of coefficient of thermal expansion (CTE) mismatch between different layers during 

the cooling period where out-of-plane tensile stress is developed at undulations, nucleating cracks close 

to the interface. The abovementioned TGO growth as well as CTE mismatch between layers are 

considered to determine the failure mechanism of TBCs under isothermal furnace cycling test (FCT), 

where the temperature is uniformly distributed throughout entire TBC specimen [81], [96], [130], [142], 

[190], [191].  

The other typical thermal cycling experiments contain a rapid temperature variation and a coolant 

(either compressed cooling gas or liquid) applied onto the backside of substrate during high temperature 

dwell time in an integrated thermal cycle. The former introduces a massive thermal shock during heating 

and cooling periods [23], [145], [192], [193]. The latter leads to a thermal gradient from high heating 

applied to the surface of the TC with adequate back-side cooling from the bond coat (BC) – substrate 

interface [194]–[197]. This thermal cycling experiment, also called a burner cycling test, is used to 

simulate the process of subsonic engine takeoff and shutdown in real service conditions [6], [185], [198], 
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[199]. To date, research has been conducted to investigate possible failure mechanisms and factors 

influencing the durability of TBCs via these two types of thermal cycling experiments [194], [200]–

[202]. Efforts were also made to understand the crack driving forces behind each thermal cycling 

experiment using semi-empirical analytical methods. However, there is a lack of studies which 

quantitatively evaluate the energy release rates (ERRs) and a comparison between these two types of 

ERRs using analytical models. The work conducted by Li et al. [185] provides a correlation between 

life data of Atmospheric Plasma Sprayed-Thermal Barrier Coating system (APS-TBCs) with different 

pre-oxide thicknesses tested in both burner cycling and isothermal furnace. The author discussed the 

relationship between critical TGO thickness and crack routes.  

The experimental data in [185] facilitates the current research work, in which the crack driving 

forces for APS-TBCs are identified and quantified in terms of energy release rates (ERRs) calculated 

through modified analytical models. The experimental data from isothermal furnace cycling tests or 

burner cycling tests are used to calculate parameters of analytical models, where the concept of 

equivalent time was developed to evaluate the effect of preheat treatment on the process-dependent 

model parameters in thermal cycling calculations. A new method is proposed to identify the position of 

the maximum CTE stress developed during cooling, as a function of different TGO thickness. The ERR 

is calculated as a function of pre-oxide thickness, and the impact of individual ERR on life cycle is 

evaluated. The difference between ERRs calculated for different thermal cycling tests are discussed. 

Possible cracking routes are investigated, making use of the position dependent ERRs for different 

thermal cycling conditions. Finally, the differences between crack driving forces under the two different 

thermal cycling tests are discussed. 
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5.2.  Compilation of parameters describing the thermal history, life data and 

interfacial geometry of APS-TBCs  

 

All APS-TBC specimens undergoing thermal cycling experiments experience 4 hours of pre-treatment 

at 1000℃, followed by another 4 hours pre-treatment at 1080℃ under Argon atmosphere [185].  

Further heat treatment includes 20, 50, 105, 225, 300, 350 hours isothermal heating at 1080℃ for 

different group sets of APS-TBC specimens. Two different thermal cycling experiments were 

conducted to obtain the APS-TBCs with various life cycles [185]. The temperature profile for the burner 

cycling test contains 70 seconds of temperature increase to peak temperature and 50 seconds of holding 

time at 1150℃ measured at the surface of the TC, followed by 120 seconds for the entire TBC to cool 

down. Compressed air is applied simultaneously to the backside of the substrate, holding the 

temperature at 935℃ during the high temperature holding time. Thus, a thermal gradient is present 

throughout the thickness of the TBCs. Considering that (i) the temperature difference between the TC 

surface and the TGO/BC is much larger than that between the substrate and BC, and (ii) the thermal 

conductivity of the metallic substrate and BC is much higher than the ceramic TC, the substrate and BC 

are approximated as an isothermal body with no thermal gradient between them. The temperature profile 

for a given depth within the TC can be profiled [144]. Considering the entire TC layer is affected by 

the sintering effect, the temperature at a given position y in Figure 70 can be expressed as [144] 

 1TC TC BCy

y y
T T T

H H

 
= + − 
 

 (43) 

where H is the total thickness of the TC layer, TCT  and BCT  are temperatures at the surface of the 

TC and backside of the BC. The temperature within the TC is plotted in Figure 71 by choosing 

0.2, 0.4, 0.6, 0.8
y

H
= − − − − . It is evident that the temperature keeps falling with calculated positions 

close to the BC surface. 
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Figure 70 The schematic diagram identifying the parameters used 

in the analysis 
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Figure 71 Temperature profile calculated by equation (43) for burner cycling test (a) Temperature 

calculated at TC/BC surface (b) Temperature gradient within TC 

 

The temperature profile for the isothermal furnace cycling test contains a rapidly increase of 

temperature up to 1120℃ (we assume the time taken as 1 minute) [185], held for 26 minutes, followed 

by 4 minutes of uniform cooling to 80℃ [185]. Accordingly, the temperature profile is plotted in Figure 

72. 
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Figure 72 Temperature profile for isothermal furnace cycling test 

 

The life data based on different types of thermal cycling experiments are collected in [185] as a 

function of thickness of the pre-oxide layer, Figure 73. 
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Figure 73 Life cycle of APS-TBCs under (a) burner cycling test (b) isothermal furnace cycling test with 

respect to different pre-oxide TGO thickness [185] 

 

The scope of the current study focuses on the ERR generated close to the TC/TGO interface within 

the TC. Therefore, geometrical parameters describing the size of the TC and interfacial morphology 

based on APS-TBCs are used in the following analytical models. The thickness of the TC, H, is 250μm. 

Using the cosine function to describe the interfacial roughness, the average amplitude A and wavelength 

W are chosen as 30μm and 80μm, respectively [131]. Thus, with the 2D coordinate system shown in 

Figure 70, the roughness curve undulations can be defined as 

 

 ( ) ( )
2

cos 2S x A x H A
W

 
= − − 

 
 (44) 

In addition, the angle β between the tangent to the roughness curve and the y axis is used to evaluate 

the effect of roughness level on the CTE ERR, where the angle ( )x  is given by 
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 ( ) arctan
2

dS
x

dx




 
= −  

 
 (45) 

 

All parameters evaluating the material properties during pre-heat treatment and following thermal 

cycling experiments are described in the supporting documents.  

 

5.3. Analytical models for evaluating energy release rate under different thermal 

cyclic experiments 

 

It is possible to quantitatively evaluate the ERR through analytical expressions based on either 

isothermal furnace cycling conditions or burner cycling conditions with a thermal gradient. The effect 

of thermal gradient and thermal shock on the durability of TBCs is reflected by the generation of extra 

crack driving forces leading to crack nucleation and propagation within TC. Crack driving forces that 

exist for both of thermal cycling experiments are also affected, i.e., the ERRs for CTE mismatch and 

TGO growth are different based on either isothermal cycling conditions or thermal gradient conditions. 

Using the burner cycling test with thermal gradient, a new analytical expression is proposed to calculate 

the thermal residual stress generated as a consequence of CTE mismatch between layers upon cooling 

period. The analytical models used to evaluate the ERR generated due to i) CTE mismatch ii) TGO 

growth for both isothermal and burner cycling experiments iii) thermal gradient and iv) thermal shock 

for burner cycling test are described below. 
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5.3.1. Analytical models for TC ERR generated due to CTE mismatch  

 

(a) Out-of-plane residual stress due to CTE mismatch upon cooling as a function of calculated positions 

 

Neglecting the effect of TGO layer and considering the bi-layer system, it is assumed that the 

temperature distribution is independent of calculated positions within TBCs for isothermal furnace 

cycling tests. That is, the temperature close to the TC/BC interface is assumed identical to that at any 

position within the TC, TC BCT T T= = . The in-plane residual strain developed at the interface between 

the TC/BC due to CTE mismatch upon cooling is described by 

 

 ( ) ( )

( ) ( ) ( )

CTE

Interface

BC TC

hold

BC BC TC BC BC BC

T

T T T

T T T T

 

 

 

 =  

= −   

= −  −  

 (46) 

where 
CTE

Interface  is the CTE strain, ( )BC BCT and ( )TC BCT  are temperature dependent 

coefficients of thermal expansion for BC and TC, respectively. T is the temperature difference 

between the BC peak temperature at high temperature holding time 
hold

BCT  and the BC temperature at 

a given time upon cooling BCT . Equation (46) also applies to calculate the CTE strain close to the 

TC/BC interface within the TC when a thermal gradient exists, since ( )
-H

lim TC BC
y

T y T
→

 .  

However, it is a challenge to estimate the CTE strain generated at an arbitrary position (y=y0) within 

the TC since the temperature at a distance y0 away from the interface 
0

TC y y
T

=
is different from that 

calculated at the interface (approximated by BCT ). Therefore, a new equation is developed by revising 
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the analytical expression in [130] to calculate the out-of-plane residual stress generated at a given 

position y=y0 within the TC due to CTE mismatch for a tri-layer system with a thermal gradient. The 

equation is given by 

 

 

( ) ( ) ( ) ( ) ( )

( ) ( )( ) ( )
( )

0 00

CTE hold hold

TC TGO BC BC BC TC TC TC TCy y y yy y

hold

BC BC TGO BC BC BC

Amp y T T T T T T

A A
T T T T

W g y

  

 

= ==

 = −   − −  − +
  

    
−  −           

 (47) 

where   is a fitting parameter. 
0

TC y y
T

=
 is the TC temperature difference at a given position y=y0 

between the peak temperature at high temperature holding time 
0

hold

TC y y
T

=
 and the temperature at given 

time upon cooling 
0

TC y y
T

=
. ( )

0
TC TC y y

T
=

 is the coefficient of thermal expansion at given time and 

position upon cooling. ( )TGO BCT and ( )BC BCT  are coefficients of thermal expansion for TGO and 

BC. The combination of geometrical parameters 
( )

A A

W g y

  
     

 suggests the effect of interfacial 

roughness on the amplitude of stress level. 
4

4
3

TC TC TC TC   
 

 = + 
 

, where TC  is the bulk 

modulus and TC is the shear modulus of the TC given by 

 
( )

( )

,

3 1 2

TC TC y

TC

TC

E T t



=

−
 (48) 

 
( )
( )

,

2 1

TC TC y

TC

TC

E T t



=

+
 (49) 
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Furthermore, ( )g y  is a position-dependent weighting factor responsible for evaluating the effect 

of i) stress generated due to the interaction between layers (CTE mismatch), or ii) ERR generated from 

neighboring layers (TGO growth) 

 ( )
( )

1

exp
g y

y 
=

−  −
 (50) 

where 0.05 =  and 
1

3
H A 

 
=  − 

 
. 

The CTE stress is considered too large to be accommodated by pure elastic strain. Except for 

cracking of the TC, the rest of the elastic energy is released by inelastic deformation of the TC, which 

is introduced by yielding behavior that dominates at low temperature. Considering the Von Mises yield 

criterion, the following equations for stress can be used once the calculated Von Mises stress is larger 

than the yielding strength given by  

 
1

3
ij ij Y ij kk    = +  (51) 

Here, ij  is the Cauchy stress tensor, 
ij

ij

V

s



=  where ijs  is deviatoric stress tensor, V  is Von 

Mises stress， ij  delta Kronecker, and 
1

3
ij kk   is hydrostatic pressure. Given the out-of-plane 

residual stress ( )22

CTE

TCAmp y = , the in-plane strain 33  can be calculated according to general 

Hook’s law as 

 ( )33 33 11 22

1

E
    = − +    (52) 

A general plane strain condition is applied to the current analytical mode and yields 33 0 = . 33  

can be described by re-arranging equation (52) as 

 ( )33 11 22   = +  (53) 
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Assuming the 11 33 =  yields 

 
( )

22
11

1





=

−
 (54) 

The equivalent Von Mises stress used to predict yielding of materials under multiaxial loading 

conditions is defined as [203] 

 
( ) ( ) ( ) ( )

2 2 2 2 2 2

11 22 22 33 33 11 12 23 136

2
V

        


− + − + − + + +
=  (55) 

There are no shear components for general strain conditions, thus 12 23 13 0  = = = in equation 

(55). Substituting equations (52)-(55) into equation (51), the corrected residual stress is developed as 

 

( )

( )_ 22

1

13

3

CTE

TC V Y

CTE CTE
TC TC ij kk

Y ij kk V Y

V

Amp y

Amp Amp y

 

 
    



 



= −
 + 


 (56) 

 

(b) Identification of variation of position of maximum CTE stress as a function of TGO thickness based 

on interfacial roughness model  

 

Typically, the failure mechanism of APS-TBCs reveals that delamination cracks are initiated at the BC 

where out-of-plane tensile stress develops when the TGO is negligible. The out-of-plane residual stress 

state at a valley of the TC changes from compression to tension, which leads to horizontal crack 

nucleation. The delamination crack penetrates the thin TGO layer and results in spallation of the TC. 

Nevertheless, some FE studies have demonstrated the possibility of TC spallation due to the maximum 

tensile zone developed within the TC layer, i.e., the tensile zone was found at a peak of the TC at early 
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stages of thermal cycles [94], [136] and flanks of interfacial roughness [88], [94] as the TGO thickens. 

These FE studies introduced the pre-existing cracks in their modeling process and the stress inversion 

was also observed at the valley of the TC as TGO thickens. In addition, the shifting of crack routes was 

observed when TGO thickness reaches a critical value for both isothermal furnace cycling test and 

burner cycling test with thermal gradient [185]. That is, crack nucleation was initially identified from 

defects of the interface between the lamellar structure (far away from the interface between TC/TGO) 

and propagated horizontally as TGO is thin. Meanwhile, the crack was found to propagate close to the 

interface when the TGO thickens. The crack identified close to the interface between TC/TGO layer is 

located at a valley of TC and triggers the spallation of TC, which indicates that the maximum out-of-

plane stress should at the same position. Based on the discussion above, a model describing the variation 

of location of out-of-plane maximum tensile zone as a function of TGO thickness can be proposed, 

Figure 74.  
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Figure 74 The variation of maximum tensile zone as function of TGO thickness 

 

The location of the out-of-plane maximum tensile stress shifts downward from the peak of the TC 

to the valley of the TC along the interfacial roughness as the TGO thickens. The x-coordinate indicating 

the position dependency for out-of-plane stress can be derived from 

 ( )
2

cos
2

TGO

max

TGO

dW
l x x

W d

  
= +  

  
 (57) 

where 
max

TGOd  is the maximum TGO thickness where the position of maximum stress shifts to the valley 

of the TC. According to [185], the failure was assumed once TGO thickness reaches 8-9μm. Therefore, 

it is reasonable to assume that 8.5max

TGOd m= , which corresponds to the TGO thickness when stress 

inversion at the bottom of the TC complete. 

With the proposed equation (57) and equation (56), it is viable to evaluate the out-of-plane CTE 

stress at a given (x, y) coordinate for the current 2D APS-TBC from 
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 ( ) ( )_ 22,CTE CTE

TC TCy x Amp l x =   (58) 

 

(c) The energy release rate of TC cracking due to CTE mismatch considering the interfacial roughness 

profile  

 

The stress intensity factors for both mode I and mode II were given in [204] describing the crack driving 

forces where crack orientation was at an angle to the tensile out-of-plane stress. As illustrated in Figure 

74, given the interface and angle between out-of-plane residual stress and direction of crack propagation 

is β(x), the crack length b and out-of-plane stress ( ),CTE

TC y x , the stress intensity factors are described 

through [204], 

 
( ) ( )

( ) ( ) ( )

2, sin

, sin cos

slope

slope

CTE

I TC

CTE

II TC

K y x b x

K y x b x x

  

   

=

=
 (59) 

The mix mode ERR is given by 

 ( ) ( )
( )( )
( )

( )

( )

2

2 2
2

2

,
sin

, , ,

sin

TC

CTE
I II

slope

TC TC TC TC TC TCy y y

flat

y x bK K
G x

E T t E T t E T t

G x

 




= + = 

= 

 (60) 

The ( )2sin x  is considered to quantitatively evaluate the effect of interfacial roughness on the 

crack driving forces which inhibits the crack propagating along the undulations. The ERR for crack 

triggered by CTE stress on flat interface flatG  is described [131] and modified into equation (60), 

yielding 
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( ) ( )

( )
( )

22

2

_

1 ,
sin

2 ,

CTE

TC TCCTE

TC slope

TC TC y

y x
G H x

E T t

 


−
=    (61) 

Assuming that the crack is initiated at position MAXx  where maximum ERR _

CTE

TC slopeG  is 

generated, it is critical to calculate the coordinate MAXx  by setting the first derivative of equation (61) 

equal to 0. Considering all x-dependent parameters in equation (61) and integrating the value of A, W 

and 
max

TGOh , yields 

 

 ( ) ( ) ( ) 0
d d

f x A x B x
dx dx

=  =    (62) 

where  

 

( )

( ) ( )

2

2 2

cos 40
40 8.5

3
sin sin arctan sin

2 8 40

TGOd
A x x

B x x x



  


  
= +   

  

   
= = − −   

   

 (63) 

Solving equation (62) gives  

 
80

40
17

MAX TGOx d k k Z= − +   (64) 

where k is an integer. For the present coordinate system, MAXx  is always negative. k equals 0 with 

MAXx varying from -6.11μm to -40μm as the TGO thickens from 1.3μm to 8.5μm. Thus, the ERR for 

the crack driving force generated by CTE mismatch within the TC can be estimated by integrating 

equation (64) into equation (61). 

Equation (61) can be used to calculate the crack driving force at a given position for either 

isothermal furnace cycling conditions or burner cycling conditions. For the isothermal case, equation 
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(47) is simplified given 
0

hold hold

BC TC y y
T T

=
= ,

0
BC TC y y

T T
=

=  where ( )TGO BCT , ( )
0

TC TC y y
T

=
, 

( )BC BCT  and   are independent of calculated depth y. The discrepancies between calculated ERR 

for isothermal and burner cycling tests with thermal gradient will be discussed in section 5.4. 

 

5.3.2. Analytical models for TGO ERR generated due to TGO growth  

 

As described in appendix A.1.1 and A.1.2, all specimens experience isothermal preheating treatment at 

elevated temperature with various durations to produce pre-oxide TGO scales of different thickness. 

These specimens are then designed to undergo either isothermal furnace cycling testing or burner 

cycling testing. The stress generated due to TGO growth is described by equation (66) where ( )TGO t  

is obtained by integrating equation (65) with respect to time to give 

 ( ) ( )2

ini T

TGO V

S
t f f t P e

S


 
= + 

 
1  (65) 

 ( )
( ) ( )

,
1

TGO BC TGO

TGO BC

TGO

E T t
T t







=

−
 (66) 

where 2

inif  is the initial volume fraction of metallic phase β-NiAl, which has not been oxidized, and 

2 0.526inif   [135]. S  and S   are the norm and deviatoric components of the aggregate stress 

tensor, respectively. P is a coefficient depending on the shape of the oxide particles. 
T

Ve  is the true 

mean volumetric strain from phase transformation. ( )TGO BCE T  and TGO  are temperature-dependent 

elastic modulus and Poisson’s ratio of the TGO layer. The details of obtaining ( )f t  and 
T

Ve  are 

described in the supplementary document. Similar to the form of analytical expression for the crack 
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driving force due to CTE mismatch, the ERR for crack triggered by TGO growth stress is described as 

[131] 

 
( )

( )
( )

2

2 2
1

,
2  

TGOGR

TGO TGO BC TGO

TGO BC

G T t d Y
E T




−
=     (67) 

As mentioned in the appendix A.1.2, there exists a large discrepancy between TGO growth 

behavior under the two types of thermal cycling tests for the current study. The growth of TGO layer 

under burner cycling testing is limited due to moderate temperatures at the BC surface and inadequate 

elevated exposure time. For the isothermal cycling test, the growth of the TGO layer is more evident 

for the group of specimens which has a thinner pre-oxide TGO layer. The difference in resulting TGO 

ERR from the two thermal cycling tests will be discussed in section 5.4. 

 

5.3.3. Analytical models for TC ERR generated due to thermal gradient  

 

The introduction of back side cooling during the high temperature holding time and rapid 

heating/cooling lead to a massive thermal gradient under the burner cycling test, Figure 71(a). This 

temperature difference within the TC between the surface and position close to the TC/TGO interface 

is a critical crack driving force where the crack might form in a different way. That is, the isolated crack 

forms and propagates parallel to the interface. In the other case, the crack is connected to the free edges 

of the TC [128], Figure 75. 
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Figure 75 Schematic of the three potential modes of delamination of a TBC in the presence of a thermal 

gradient [128] 

 

The methods used to calculate the ERR depends on the thermal gradient developed either during 

high temperature holding time or rapid cooling. Two different analytical methods are demonstrated in 

the following sections. 

 

(a) The ERR generated due to thermal gradient developed at high temperature holding time 

 

The analytical solutions to calculate the crack driving force due to the high heat flux developed for 

isothermal high temperatures can be found in [128]. As shown in Figure 75, two possible crack routes 

are given and corresponding ERR are proposed.  

For an isolated interface crack developed within the TC parallel to the interface, a thermal gradient 

is assumed between the upper and lower faces, considering the crack as insulated where this temperature 
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difference facilitates crack propagation, Figure 75. A moment 
_

0 _

TH GR

TC insulM  and force 
_

0 _

TH GR

TC insulF  are 

imposed on the detached section to fit the gap, and are described by [128] 

 

( ) ( )

( ) ( )

_

0 _

_ 2

0 _

1
,

2

1
,

12

TC TC interface

TC TC interface

TH GR

TC insul TC TC TCy y

TH GR

TC insul TC TC TCy y

F E T t T T H

M E T t T T H





= 

= − 

 (68) 

Here, 
TC interface

T  is approximated as the difference between the temperature measured at a position 

within the TC, 
TC y

T and temperature measured at the interface BCT . By restoring the edge of the 

spalled TC to the remaining section of TBCs and assuring the continuity of moment, force, displacement 

and rotation, the analytical solution of final moment 
_

_

TH GR

TC insulM  and force 
_

_

TH GR

TC insulF  can be obtained by 

[128] 

 

 

( )( ) ( )

( )( ) ( )

_ _

22 0 _ 12 0 __

_

_ _ _

_ 11 0 _ 12 0 _

12 12

12

TH GR TH GR

TC insul TC insulTH GR

TC insul

TH GR TH GR TH GR

TC insul TC insul TC insul

b H a b H F b H a M H
F

M b H a b H M H b H a F

H

+ −
=



+ −
=



 (69) 

Here, ( )( ) 2

11 22 1212a b H a b H a= + + − . The value of compliance coefficient ija  depends on the 

ratio of TC crack length over TC thickness 
b

H
 and first Dundurs’ elastic mismatch parameters, 

equation tabulated in [205].  

 Accordingly, the stress intensity factors for mode I and mode II are given by 

 

 

_ _ 3 2

21 _ 22 _

_ _ 3 2

11 _ 12 _

2 3

2 3

ISOTHEM TH GR TH GR

I TC insul TC insul

ISOTHEM TH GR TH GR

II TC insul TC insul

K c F H c M H

K c F H c M H

= +

= +
 (70) 
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Similar to the compliance coefficient ija , stress intensity coefficients ijc  also depend on the ratio 

of TC crack length over TC thickness 
b

H
 and first Dundurs’ elastic mismatch parameters tabulated in 

[205].  

The corresponding ERR and mode mixture for isolated interface crack developed under isothermal 

heat flux environment are described by [128] 

 

 
( ) ( )

( ) ( )
2 2

_

1

1 1 1

2 ,

tan

ISOTHEM insulated ISOTHEM ISOTHEM

TC I II

BC BCTC TC y

ISOTHEM

II

ISOTHEM

I

G K K
E TE T t

K

K
 −

 
  = + +
    

 

 
=  

 

(71) 

For the crack connecting to the free edge of the TC, there are two factors that need to be considered 

including i) the effect of thermal gradient that induces the bending moment into TBCs and ii) the heating 

the TBCs above the stress-free temperature depT  induces the CTE misfit between TC and BC during 

high temperature holding time, which further results in residual compression within the TC. The 

corresponding analytical expressions are given to describe the stress as a consequence CTE mismatch 

_

_

TH GR

TC edge  and thermal gradient 
_

_

TH GR

TC edge , developed within TC [128] as 

 

 ( ) ( )( )_

_ ,
TC

TH GR

TC edge TC TC TC TC TCy y y surf
E T t T T T  = −  (72) 

( ) ( )( ) ( )_

_ 2 ,
2BC TC

TC TCy surfTH GR

TC edge TC TC BC BC dep TC depy y

T T
E T t T T T T T  

  +  
= − − −   

   

 (73) 
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Here, 
TC surf

T  is the TC surface temperature. The corresponding steady-state ERR for edge 

delamination crack developed under isothermal heat flux environment is described by 

 

 
( )

( )
( )

( )

2 2
_ _

_ __

2 , 24 ,

TH GR TH GR

TC edge TC edgeISOTHEM edge

TC

TC TC TC TCy y

H H
G

E T t E T t

 
= +  (74) 

 

(b) The ERR generated due to thermal gradient developed upon cooling 

 

Analytical solutions have been proposed to calculate the crack driving force due to thermal gradient 

generated from rapid temperature change upon cooling [144]. Similar to the method described in the 

isothermal case in section 5.3.1(a), an in-plane stress ( )_

_

TH GR

TC Cool y  is assumed at a given depth within 

the uncracked coating where the corresponding unit force 
_

_

TH GR

TC CoolP  (force/length) and unit moment 

_

_

TH GR

TC CoolM  (moment/length) are given in [144]. Depending on the position where the crack was 

identified, the mixed mode ERR _

Y

interf

TEMPVAR

TCG  and mode mixture _

Y

interf

TEMPVAR

TC  are determined, when the 

crack is close to the interface, ( d H Figure 75) as 
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where  
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The dimensionless ratio of mismatch strains   is described by  
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The temperature quantity
surf interf

T  is given by 
surf interf surf interf

T T T =  − , which 

indicates the instantaneous difference between the temperature drop at the surface 
surf

T and at the 

TC/BC interface 
interf

T ,  provided the temperature at BC and TGO layer are identical. For plane 

strain conditions, ω=52.1o [144]. 

For a crack located above the interface ( d H  in Figure 75), The mode I _ _

TEMPVARY

I TC aboveK  stress 

intensity factor and ERR _ _

TEMPVARY

I TC aboveG  are described by 
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The crack driving force 
TEMPVARY

TCG  is determined using different equations for a crack nucleated 

at the interface _

Y

interf

TEMPVAR

TCG , or above interface _ _

TEMPVARY

I TC aboveG .  
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5.3.4. Analytical models for TC ERR generated due to Thermal shock 

 

Due to the rapid heating/cooling process under the burner cycling test, the effect of thermal shock on 

the nucleation of a delamination crack should be considered and included into the total ERR. The 

cracking driving force for thermal shock with existence of thermal gradient was evaluated by Fleck et 

al [145]. Neglecting the effect of the first and second Dundurs’ elastic mismatch parameters for 

simplicity, the stress intensity factors for mode I and mode II are obtained from (81) [145], 
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where dimensionless unit Â  and Î  are used to characterize the equivalent area and moment of 

inertia of TC materials. For isotropic APS TC with homogeneous temperature distribution, ˆ 1A =  and 

1ˆ
12

I =  are assumed for rectangular 2D TBCs. Nevertheless, the effect of thermal gradient is 

considered in the current model where the equivalent area Â  and equivalent moment of inertia  Î  

are used and described in the supporting documents. The mode I and mode II stress intensity factors are 

used to calculate the mixed mode ERR and mode mixture for thermal shock developed under burner 

cycling test, described by 
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5.4. Results and discussion 

 

The abovementioned energy release rates suggest that the crack might nucleate at a different stage 

within thermal cycle, i.e., the crack driving force generated due to CTE mismatch plays a role only upon 

cooling. Although the growth of the TGO layer occurs mostly during the high temperature holding time, 

the TGO ERR was generated during the preheat treatment, where the pre-oxide TGO layer formed. The 

effect of thermal gradient and thermal shock on the durability of APS-TBCs might only be estimated 

under burner cycling test. In order to evaluate the effect of specific ERR (i.e. generated within a specific 

duration in the thermal cycling test) on the lifetime, a normalization process is introduced where the 

equivalent ERR is evaluated through 
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where i  indicates the layer where the crack driving force is calculated,  k  indicates the type of ERR 

that is responsible for the corresponding crack nucleation and propagation, j  is the stage of thermal 

cycle (heating/holding/cooling), and 
f

j
t  is the total time for specific stage j  within a thermal cycle. 

For example, if the holding and cooling period for a burner cycling test is 50s and 120s, then 50f

holdt =  

and  120f

coolt = , respectively.  ( )k

i jG t  stands for the ERR generated within layer i  at each second 

of jt . N  and fN  are the number of thermal cycles and life cycle, respectively. The numerator of 

equation (84) is the sum of specific ERR generated for the entire lifetime, where the denominator 
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( )f f f

f f heat hold coolt N t t t+ +=   is lifetime as a function of pre-oxide TGO thickness. Equation (84) is 

capable of evaluating the equivalent ERR with respect to pre-oxide TGO thickness. 

Another criterion used in the current study estimates the average ERR as a function of number of 

thermal cycles, as indicated by 

 

 ( )

( )
1

f
j

j

t

k

i j

tk

i f

j

G t

G N
t

=
=


 (85) 

The numerator in equation (85) is the sum of specific ERR generated within one cycle. Equation 

(85) enables the evaluation of the average ERR generated within a specific duration as a function of 

thermal cycle. The following discussion will address the different type of ERRs.  

 

5.4.1. Calculated TC equivalent energy release rate generated due to CTE mismatch  

 

As described in the preceding section, the ERR due to CTE mismatch only develops upon cooling 

during thermal cycles. Therefore, the equivalent ERR due to CTE mismatch can be written as 
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The equivalent ERR are calculated at 1μm away from interface within the TC and shown in Figure 

76 for the isothermal furnace cycling test and burner cycling test.  
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Figure 76 The equivalent CTE ERR as function of pre-oxide TGO thickness for isothermal furnace cycling 

test and burner cycling test 

 

Each thermal cycle in the burner cycling test contains 120s cooling time, which yields 120 of 

calculated ( )_

_

CTE burner

TC slope coolG t . The calculated 
_CTE burner

TCG  evaluates the effect of the sum of CTE ERR 

generated upon cooling for all thermal cycles on the scale of lifetime. With the calculated ERR based 

on a flat interface flatG  multiplying the angle parameter sin2β in equation (60), there is inevitably a 

decrease in CTE when the effect of geometry of roughness surface is included (wings of imperfection). 

On the other hand, if the value of the mix mode fracture toughness of TC is assumed to be independent 

of position within the TC, the decreasing of CTE ERRs estimated as pre-oxide TGO thickness varies 

from 1.3μm to 3.9μm shown in Figure 76 indicates that there might be less CTE ERRs generated as the 

maximum out-of-plane tensile stress is identified at wings of imperfections. The cracking process might 

be inhibited or slowed at wings of imperfections due to the engineering-designed interfacial roughness 

characteristics, which is frequently mentioned as the effect of "mechanical interlocking" between layers 

[46], [172], [206]–[209]. However, interfacial roughness with excessive amplitude would induce extra 
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tensile stress at the peak of the TC according to the FE analysis [67]. This in turn facilitates crack 

initiation at early stages of life cycle. Therefore, the balance between the effect of cracking inhibition 

and the effect of stress concentration (both due to TC roughness) is critical for controlling cracking 

behavior and hence the durability of APS-TBCs.  

Each thermal cycle in the isothermal furnace cycling test contains 480s cooling time, which yields 

480 of calculated ( )_

_

CTE isoth

TC slope coolG t . Two conclusions can be made by comparing the calculated 

equivalent ERR from burner cycling test 
_CTE burner

TCG to the isothermal furnace cycling test 
_CTE isoth

TCG . 

A. Compared to the CTE ERR 
_CTE burner

TCG generated under burner cycling test with thermal gradient, 

there is less of a decrease for CTE ERR 
_CTE isoth

TCG generated under isothermal furnace cycling test 

for group sets of TBCs with pre-oxide TGO thickness smaller than 5μm. This can be explained by 

the difference of experimental conditions that affect variation of the model parameters as a function 

of number of cycles, e.g., the sintering process-dependent elastic modulus ( ),TC TC y
E T t , as well 

as the TGO thickness-dependent position of maximum CTE stress ( MAXx ). For burner cycling 

conditions with existing thermal gradient and relatively short high temperature hold time, there is 

limited sintering and TGO growth within the cycling experiments. This makes the position ( MAXx ) 

and magnitude of maximum CTE stress independent of the number of thermal cycles, equation 

(58). In addition, the average CTE ERR ( )_CTE burner

TCG N , calculated using equation (61) and 

equation (85), is dominated by positions where the maximum CTE ERR is identified, MAXx . This 

in turn, is determined by pre-oxide TGO thickness TGOd , equation (64). However, the calculated 

( )_CTE burner

TCG N  is not affected much by the number of thermal cycles, Figure 77. Consequently, 

the equivalent CTE ERR for the burner cycling test also demonstrates the pre-oxide thickness-

dependent behavior, where the calculated energy fluxes fluctuate as function of positions to obtain 

the maximum ERRs, as can be seen in the black curve in Figure 76.  
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Figure 77 the calculated average CTE ERR as function of number of cycles with respect to different pre-

oxide thickness for burner cycling test 

 

However, for the isothermal furnace cycling test, the relatively higher temperature and longer 

holding time makes sintering behavior more effective within the TC and facilitates growth of the 

TGO layer under high temperature holding time, specifically for the group of TBCs with shorter 

preheat treatment (TBCs with pre-oxide thickness smaller than 5μm). This makes the position and 

magnitude of maximum CTE stress vary as a function of thermal cycle for each group of TBCs 

with its own pre-oxide thickness. In other words, the TBCs under isothermal furnace cycling tests 

with pre-oxide thickness smaller than 5μm all experience the shifting of position of maximum CTE 

stress from somewhere at the ridge of the TC to somewhere close to valley of TC. This is reflected 

by the cyclic-dependent average CTE ERR ( )_CTE isoth

TCG N , illustrated in Figure 78. The increase 

of CTE ERR at a later stage of life cycle makes the equivalent CTE ERR less affected by the 

geometrical factors that decrease the CTE ERR with intermediate TGO thickness for the group of 

TBCs with pre-oxide thickness smaller than 5μm, see the red curve in Figure 76. 
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Figure 78 the calculated average CTE ERR as function of number of cycles with respect to different pre-

oxide thickness for isothermal furnace cycling test 

 

B. For the calculated equivalent CTE ERR, Figure 76, a similar significant increase in both curves can 

be observed with respect to pre-oxide thickness in the range of 5-7.7μm. This shows that as long as 

the TGO reaches the critical thickness (regardless of TGO growth from either pre-heat treatment or 

under isothermal cycling test), there is a similarity for the cracking mode between the two different 

cycling experiments. This agrees with the conclusion in [185] that the cracking routes shift from 

positions far away from the interface (where cracks nucleate at lamellae interface and propagate 

horizontally), to positions close to the interface between TC/TGO layer followed by rapid crack 

propagation. 
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5.4.2. Calculated TGO equivalent energy release rate generated due to TGO growth  

 

The equivalent ERR due to TGO growth is described by 
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The equivalent ERR are calculated within the TGO layer and shown in Figure 79 as a function of 

pre-oxide thickness for isothermal furnace cycling test and burner cycling test.  

 

Figure 79 The equivalent TGO ERR as function of pre-oxide TGO thickness for isothermal furnace cycling 

test and burner cycling test 
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In addition to the fact that both of curves increase as the pre-oxide layer thickens, there are three 

conclusions obtained by comparing the calculated equivalent TGO ERR from the burner cycling test 

_GR burner

TGOG  to the isothermal furnace cycling test 
_GR isoth

TGOG . 

A. For both burner cycling test and isothermal furnace test, the TGO ERR are already generated during 

preheat treatment time, where the pre-oxide TGO layer formed before the thermal cycling test 

started. This is especially for the group set of TBCs which has 350 hours preheat treatment with 

7.7μm pre-oxide thickness. It is expected that there exists a large TGO ERR which facilitates the 

propagation of delamination cracks at the interface between the TC/TGO. It also further explains 

the relatively short life cycle for such groups of TBCs. Upon heating and cooling under thermal 

cycling conditions, there is a limited TGO growth. Nevertheless, the variation of temperature-

dependent TGO elastic modulus might still lead to the fluctuation of TGO ERR within a thermal 

cycle. As mentioned in the Appendix A.1.2, for the burner cycling test with thermal gradient, due 

to the low temperature at the BC surface and the relative short high temperature holding time, there 

is limited TGO growth measured for the groups at the end of cycling experiments [185] (except for 

the TBCs with pre-oxide thickness of 1.3μm). However, the accumulated TGO stress generated due 

to progressive oxidation of BC during preheat treatment is introduced for TBCs under further burner 

cycling tests. Nevertheless, the elastic modulus of TGO and TGO thickness is independent of 

number of cycles. Therefore, similar to the average CTE ERR calculated under the burner cycling 

test, the average TGO ERR ( )_GR burner

TGOG N  calculated using equation (67) and equation (85) is 

dominated by pre-oxide TGO thickness, and is not affected much by the number of thermal cycles, 

Figure 80. Hence, the equivalent TGO ERR 
_GR burner

TGOG  for burner cycling test basically describes 

the TGO ERR under isothermal preheat treatment.  
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Figure 80 the calculated average TGO ERR as a function of number of cycles with respect to different pre-

oxide thickness for burner cycling test 

 

B. It becomes difficult to understand the general trend for calculated equivalent TGO ERR 
_GR isoth

TGOG  

under isothermal furnace cycling test as its initial decrease and then later increase are similar to 

equivalent CTE ERR 
_CTE burner

TCG  under burner cycling test.  As 
_CTE burner

TCG  is significantly 

affected by geometrical parameters, the initial decrease and the later increase of the red curve in 

Figure 79 is affected by TGO growth under isothermal furnace cycling test, based on different 

groups with various of pre-oxide thickness. According to the calculated TGO thickness under 

isothermal furnace cycling conditions (supporting documents), Figure 110 the relatively thin pre-

oxide layer (1.3μm) is not capable of playing a role as the “protective layer” for BC further 

oxidation under high temperature holding time under isothermal furnace cycling test. With a longer 

life span (130 cycles), the relatively thicker TGO layer (6.21μm) is formed at the end of the lifetime 

which leads to a continuous increase of average TGO ERR ( )_GR isoth

TGOG N  as a function of number 
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of cycles, black curve in Figure 81. This provides a higher equivalent TGO ERR 
_GR isoth

TGOG  at a 

smaller pre-oxide thickness. 

 

 

Figure 81 the calculated average TGO ERR as function of number of cycles with respect to different pre-

oxide thickness for isothermal furnace cycling test 

 

With further increase of pre-oxide thickness, the thicker pre-oxide layer starts to play a role 

in inhibiting the progressive oxidation of BC, which lower the TGO growth rate for the further BC 

oxidation during high temperature holding time. With the shorter life span corresponding thicker 

pre-oxide layer, the later oxidation further limits the growth of TGO layer under isothermal furnace 

cycling conditions (final TGO thicknesses are 5.78μm and 5.49μm for TBCs with pre-oxide 

thickness of 
i

TGOh  =2.7μm and 3.9μm, respectively). This results in lower average TGO ERR 

( )_GR isoth

TGOG N  as a function of number of cycles, as can be seen from red and blue curves in Figure 

81, as well as lower equivalent TGO ERR 
_GR isoth

TGOG  for 
i

TGOh =2.7μm and 3.9μm (Figure 79).  
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For the group set of TBCs where pre-oxides are thicker than 5μm, although there is little TGO 

growth under thermal cycling conditions, the average TGO ERR is still higher compared to the 

group sets with pre-oxide layer thinner than 5μm. This can be explained by the higher initial pre-

oxide thickness which provides enough TGO ERR and lasts throughout entire thermal cycling life 

cycle, as can be seen by the dark cyan, magenta and dark yellow curves in Figure 81. This gives 

higher equivalent TGO ERR 
_GR isoth

TGOG  for 
i

TGOh =5.0μm, 6.6μm and 7.7μm in Figure 79. 

 

C. There exists an intersection between two equivalent TGO ERR curves as a function of pre-oxide 

thickness, Figure 79. For same pre-oxide thickness, the effect of temperature profile of the two 

different thermal conditions on the calculated equivalent TGO ERR 
GR

TGOG  is reflected by: i) the 

difference in further growth of TGO layers determined by high temperature holding time (26min 

for isothermal and 50s for burner) and temperature at the BC surface (1120oC for isothermal and 

935oC for burner) ii) the difference in elastic modulus of the TGO layer. The i) leads to higher 

equivalent TGO ERR under isothermal furnace cycling test whereas ii) leads to the higher 

equivalent TGO ERR under burner cycling test. It is evident that the intersection of the two curves 

in Figure 79 is located at the position corresponding to pre-oxide thickness around 5.5-6μm. The 

calculated equivalent TGO ERR for isothermal furnace cycling tests are higher than for burner 

cycling test, as pre-oxide thickness is thinner than 5.5μm. This indicates that the effect of the rapid 

growth of TGO under isothermal furnace cycling conditions (i) suppresses the effect of the lower 

elastic modulus under higher temperature (ii). This leads to 
_ _GR isoth GR burner

TGO TGOG G as pre-oxide 

thickness is smaller than 5.5μm. On the other hand, the TGO growth under isothermal furnace 

cycling conditions is limited since pre-oxide thickness is thicker than 5.5μm. Here, the effect of 

higher elastic modulus under thermal gradient condition (ii) suppresses the effect of growth of TGO 

layer (i), which leads to 
_ _GR isoth GR burner

TGO TGOG G as pre-oxide thickness is higher than 5.5μm. 
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5.4.3. Calculated TC equivalent energy release rate generated due to thermal gradient for 

burner cycling test 

 

A thermal gradient is introduced by applying compressed air to the back-side of the BC during high 

temperature holding time for APS-TBCs under burner cycling test. The temperature difference at 

various of depths within the TC is also present upon cooling due to the rapid temperature drop on the 

surface of the TC. The crack driving forces due to the thermal gradient are calculated using equations 

described in section 5.3.3 where equivalent ERR is calculated by equation (88) and demonstrated in 

Figure 82 for insulated cracks 
_ISOTHEM insulated

TCG and edge delamination 
_ISOTHEM edge

TCG during high 

temperature holding time.  
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Figure 82 The equivalent thermal gradient ERR as a function of pre-oxide TGO thickness for burner 

cycling test assuming (a) insulated cracks (b) edge delamination crcaks within TC 

 

It is evident that both calculated thermal gradient ERR increase as the pre-oxide thickness becomes 

thicker, where the calculated 
_ISOTHEM insulated

TCG is a few orders of magnitude lower than that of

_ISOTHEM edge

TCG . This indicates that it is unlikely for 
_ISOTHEM insulated

TCG  alone to provide enough energy 

to nucleate the delamination cracks within the TC layer. This is consistent with the description by 
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Hutchinson and Evans [128]. The situation changes when the delamination is connected to a free edge. 

Here, the equivalent thermal gradient ERR 
ISOTHEM

TCG generated during high temperature holding time 

is calculated by combining 
_ISOTHEM insulated

TCG  and 
_ISOTHEM edge

TCG together, where the magnitude of 

equivalent ERR is approximated by 
_ISOTHEM edge

TCG .  

Given the existence of thermal gradient throughout the thickness of TC layer, the time-dependent 

material parameters, such as TC elastic modulus ( ),TC TC y
E T t  and TGO growth TGOd , are nearly 

constant as a function of number of cycles when estimated 1 μm away from the bottom of the TC. This 

shows that the growth of the crack length b during isothermal conditions (discussed in Appendix A.1.3) 

might be the only factor that leads to the variation of the coefficients ija  (equation (144)) and ijc  

(equation (145)) as a function pre-oxide thickness, which further affects the thermal gradient ERR. 

Nevertheless, for pre-oxide thickness smaller than 5μm, the variation of crack length is a function of 

TGO thickness where there is basically no TGO growth under burner cycling test. This indicates that 

b H  is constant throughout the life span for TBCs with pre-oxide thickness smaller than 5.5μm. For 

pre-oxide thickness larger than 5.5μm, the length of the isothermal crack grows dramatically as a 

function of time. However, the ija  and ijc are approximated as constant ( b H ) to a relatively large 

ratio [128]. Therefore, we have shown that all parameters used for estimating thermal gradient ERR in 

equation (146) and equation (149) are independent of time, which results in 
_ISOTHEM insulated

TCG  and 

_ISOTHEM edge

TCG  (via equation (85)) being constant throughout the life cycle with respective to their pre-

oxide thickness.  

The equivalent thermal gradient ERR 
TEMPVARY

TCG  developed upon cooling is calculated by 

equation (90) and illustrated in Figure 83. 
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Figure 83 The equivalent thermal gradient ERR developed upon cooling as function of pre-oxide TGO 

thickness for burner cycling test  

The equivalent thermal gradient ERR 
TEMPVARY

TCG  increases as a function of pre-oxide thickness. 

Comparing to the 
ISOTHEM

TCG generated during high temperature holding time, the 
TEMPVARY

TCG generated 

upon cooling is more likely to be responsible for crack nucleation under thermal gradient conditions 

due to its large magnitude. In addition, the thermal gradient ERR 
TEMPVARY

TCG  upon cooling is illustrated 

as a function of time with respect to different pre-oxide thickness, Figure 84. 
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Figure 84 The thermal gradient ERR developed upon cooling as function of time for different pre-oxide 

TGO thickness  

 

A higher thermal gradient ERR is expected as pre-oxide thickness increases. This might be 

explained by the higher elastic modulus of the TC ( ),TC TC y
E T t corresponding to the longer sintering 

process obtained by preheat treatment. The maximum thermal gradient ERR 
TEMPVARY

TCG  is calculated 

at the middle stage upon cooling, followed by a drop in ERR to the end of the cycle. This is consistent 

with the results obtained by Evans [144]. The fluctuating curve in Figure 84 is affected by the CTE 

stress generated due to thermal gradient, where a temperature difference is expected at different depths 

within the TC (153).  

With the calculated results described above, it is practicable to define an equivalent total ERR due 

to the thermal gradient generated at different stages under burner cycling test, equation (91). The 

calculated total equivalent ERR is shown in Figure 85.  
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Figure 85 The equivalent total thermal gradient ERR as function of pre-oxide TGO thickness for burner 

cycling test 

5.4.4. Calculated TC equivalent energy release rate generated due to thermal shock for burner 

cycling test  

 

The effect of thermal shock on the durability of APS-TBCs on the scale of lifetime is evaluated by 

equivalent thermal shock ERR described by equation (92). The result is illustrated in Figure 86. 
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Figure 86 The equivalent thermal shock ERR as function of pre-oxide TGO thickness for burner cycling 

test 

 

It is evident that the thermal shock ERR increases as a function of pre-oxide thickness. Compared 

to the effect of thermal gradient (where the ERR might be different as the evaluated depth changes 

within TC), the effect of thermal shock applies to the entire TBCs. This is reflected by the equivalent 

area Â  and equivalent moment of inertia  Î , which are evaluated throughout the thickness of TC 

(described in the appendix A.2.3 in supporting documents). 
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The rapid change of equivalent Â  and Î  at the beginning of thermal cycles and end of high 

temperature holding time corresponds to the high rate of temperature variation, which in turn leads to 

the variation of calculated thermal shock 
_TH SH

TCG , Figure 87. 

 

 

Figure 87 The thermal shock ERR developed upon (a) heating (b) cooling as function of time for different 

pre-oxide TGO thickness 

Like the calculated thermal gradient ERR 
TEMPVARY

TCG  upon cooling, instead of showing at the 

beginning of calculated time, there is a short time interval for ERR 
_TH SH

TCG  to reach its maximum 
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value whenever heating or cooling starts. The behavior might be explained by the time-delay for the 

entire TBC to respond to the heating/cooling since the heating source/compressed air is applied to the 

surface of the TBC. The maximum value is higher for ERR 
_TH SH

TCG  developed upon heating but it 

experiences a rapid drop at a later stage. This is related to the essence of thermal shock. It refers to the 

process where a component experiences a sudden change in thermal stresses and strains of large 

magnitude, when the heat flux and component temperature gradient change abruptly [210]. At the later 

stage of heating/cooling process, the variation of temperature becomes uniform, which makes the 

thermal shock ERR drop dramatically. The difference between the decrease of thermal shock ERRs for 

heating and cooling processes can be explained by the variation of elastic modulus, i.e., the drop of 

elastic modulus upon heating makes the decrease of thermal shock ERR more evident. However, the 

increase of elastic modulus upon cooling flattens the curves of ERRs at later stages of the cooling 

process. Considering the calculated ERR described from section 5.4.1 to section 5.4.4, it is evident that 

most ERR is developed upon cooling, indicating that a higher possibility for crack nucleation occurs 

upon cooling rather than at other stages of the thermal cycling test.  

 

5.4.5.  Calculated equivalent energy release rate as function of calculated depth  

 

The equivalent ERR in section 5.4.1 to section 5.4.4 are calculated 1μm away from the interface 

between TC/TGO, where the current analytical models allow the estimation of crack driving forces at 

different depths with respect of pre-oxide thickness. Taking the pre-oxide thickness 
e

TGO

Prd  as 7.7μm, 

the equivalent ERRs for different crack driving forces under burner cycling test are shown in Figure 88 

as a function of distance away from the interface. The calculated equivalent ERRs, indicated by the spot 

in Figure 88(a)-(d), are selected at positions close to the interface or surface of the TC, rather than at 

the middle of the TC layer.   
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Figure 88 the equivalent ERR as function of calculated distance away from TC/TGO interface under burner 

cycling test due to (a) CTE misfit (b) TGO growth (c) thermal gradeint (d) thermal shock  

 

It can be seen from Figure 88 that the equivalent ERRs decrease further away from the interface. 

Nevertheless, there are differences in magnitude among equivalent ERRs. The one most affected by 

distance is the CTE ERR, Figure 88(a). Regardless of the position of the x-coordinate, the calculated 

out-of-plane CTE stress is approximated to be zero as the distance away from interface reaches 60μm. 
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This indicates that upon cooling, the region further than 60μm from the interface is in compression, 

where the CTE ERR is zero. Therefore, the equivalent CTE ERR is calculated only for the distance 

within 60μm. In comparison, distance does not affect for equivalent ERR generated due to thermal 

shock, Figure 88(d). This might suggest that the effect of thermal shock is exerted throughout the entire 

TBC. 

Similar to the results from burner cycling test, the results for equivalent ERRs under isothermal 

furnace cycling tests are shown in Figure 89 as a function of distance. 
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Figure 89 the equivalent ERR as function of calculated distance away from TC/TGO interface under 

iaothermal furnace cycling test due to (a) CTE misfit (b) TGO growth  

 

Comparing the equivalent CTE and TGO ERR, the magnitudes of ERR obtained from the 

isothermal test are lower than from the burner test (see section 5.4.1 and section 5.4.2). The difference 

in equivalent ERRs obtained from two thermal cycling tests also suggests the differences in possible 

cracking modes, which is different from the conclusion made in [185]. From the burner cycling test 

results, the thermal gradient and equivalent thermal shock ERR with relative high value close to the 

surface of TC indicate the possibility for vertical crack propagation perpendicular to the interface and 

penetrating in the direction of the TC thickness. This results were also suggested in [32], [128]. 

However, for the isothermal furnace cycling test, all equivalent ERR drop to zero when the position 

is close to the surface of the TC. This indicates that the maximum ERR is only possible close to the 

interface, where the nucleation of delamination cracks is found. The cracks propagate along the 

interface and lead to the spallation of the TC, which marks the failure of APS-TBCs. 
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5.5. Conclusions  

 

In this paper, crack driving forces for APS-TBCs are quantified via energy release rate (ERR) with 

respect to the pre-oxide thickness under different thermal cycling conditions (burner cycling test with 

existence of thermal gradient and isothermal furnace cycling test). The material properties are 

characterized under two separate thermal treatments, isothermal preheating and further thermal cycling 

test, where the concept of equivalent time is developed to connect the related parameters between the 

two different thermal processes. A new method to characterize the shifting of maximum out-of-plane 

CTE stress is proposed. An analytical approach to describe the effect of interfacial roughness on the 

ERR is introduced to evaluate the crack driving force due to CTE mismatch between layers. The effect 

of TGO growth on the crack driving force is considered for both thermal cycling tests. The effects of 

thermal gradient and thermal shock on the durability of APS-TBCs are estimated based on the burner 

cycling test. The calculated results of equivalent ERR demonstrate a high pre-oxide thickness 

dependency, where differences are found for the calculated equivalent ERR due to CTE mismatch and 

TGO growth in burner cycling and isothermal furnace cycling tests. The effect of “mechanical 

interlocking” is demonstrated via equivalent CTE ERR as a function of pre-oxide thickness. There 

exists a time-delay behavior for calculated equivalent ERR generated due to the thermal gradient and 

thermal shock. The calculated equivalent ERR obtained with respect to distance reveals the possibility 

of thermal shock playing a critical role for the formation of through-thickness cracks within the TC.  

In addition, for the isothermal furnace cycling test, it has been demonstrated that the ERR generated 

due to TGO growth plays a critical role in determining the durability of APS-TBCs. In real service 

conditions at elevated temperatures, there exists back-side cooling on TBCs by the application of 

cooling air or water flowing through the metal substrate where the ERR generated due to TGO growth 

is limited. The limited TGO growth also makes the position of identified maximum CTE stress 

independent of thermal cycle. For the burner cycling test that simulates the temperature profile of an 

engine for short-time take-off/landing (e.g. for subsonic engine service conditions), there exists a large 
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ERR generated as a consequence of thermal gradient due to temperature differences identified at 

different positions within the TC. Temperature differences arise from cooling, as well as thermal shock 

due to the rapid heating/cooling process. These two factors are expected to be the main crack driving 

forces for short-time thermal cycling service conditions, where the thermal gradient might introduce 

different crack routes. Real engine service conditions typically feature longer high temperature holding 

time and a slow heating/cooling process (also back-side cooling), for example the engine serving civil 

aircraft. Under such conditions, it is expected that the fraction of thermal gradient ERR generated during 

high temperature holding time increases, while the ERR generated due to thermal shock decreases. 

Although a relative low temperature will be expected at the BC surface with the existence of a thermal 

gradient, the relative long holding time makes it possible for slow TGO growth. This might be another 

crack driving force after long-time service. The corresponding position for maximum CTE stress will 

shift downwards along the interface gradually as the TGO thickens. Therefore, the cracking mode and 

failure mechanism for TBCs under real engine service conditions with longer high temperature holding 

times might be similar to isothermal furnace cycling tests. Still, the magnitude of the crack driving force 

is expected to be different, since a thermal gradient exists under the thermal cycling conditions for 

engine serving civil aircraft.  
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6. The evolution of progressive erosion rates of EB-PVD TBCs under thermal 

cycling conditions based on a stochastic approach 

 

 

This chapter addresses objective 3 by evaluating damage generated by erosion of EB-PVD TC 

through analytical solutions under thermal cycling environments. 
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Abstract  

 

The aim of this paper is to investigate the erosion behavior for electron beam-physical vapor deposition 

(EB-PVD) thermal barrier coating (TBC) systems under thermal cycling conditions. The erosion rates 

are estimated based on modified analytical expressions where parameters are fitted to temperature-

process dependent experimental data. A stochastic approach is applied as erosion parameters are 

selected to approximate the erosion occurrence in real engine service conditions. The analytical model 

is validated by experimental temperature-dependent and sintering-time based erosion rates. A pseudo-

ductile erosion manner is identified for the present silica particles EB-PVD topcoat (TC) erosion system 

above intermediate temperatures (about 220oC) due to the softening of partial molten silica particles, 

which increase the cutting wear and decrease the experimental deformation wear. The erosion rates are 

found to decrease as temperature increases but increase as the thermal cycle proceeds. This is explained 

by propagation of sintering cracks developed at elevated temperatures. The parametric study indicates 

that both erosion parameters and thermal cycling parameters have a profound effect on the erosion 

mechanism of EB-PVD TC. Conclusions are made based on two types of erosion mechanisms under 

different thermal cycling conditions corresponding to two different engine service conditions.  

 

Key words: Erosion, EB-PVD TBCs, temperature-dependent model parameters, stochastic 

approach, pseudo-ductile erosion manner, sintering crack 
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6.1. Introduction 

 

Research into the failure mechanisms for electron beam-physical vapor deposition (EB-PVD) thermal 

barrier coating TBC systems in the hot section of gas turbine engines has been conducted for decades 

[82], [96], [97], [143], [211]–[214]. Apart from the damage and crack driving forces caused by residual 

stress generated by bond coat (BC) oxidation and coefficient of thermal expansion mismatch (CTE 

mismatch) between different layers, the erosion of the coating system is considered a secondary 

problem described by impact of external particles on the surface of the top coat (TC) during temperature 

variation or high temperature dwell time [97], [98], [215]–[219]. The superior durability of EB-PVD 

coatings compared to that of atmospheric plasma sprayed-thermal barrier coating systems (APS-TBCs) 

is obtained partially due to its feathering-like columnar microstructure [100], [139], [220]–[222]. For 

erosion resistance specifically, the columnar boundaries have been shown to effectively inhibit cracks 

propagating parallel to the interface within the TC due to the erosion caused by impact of external 

particles [216], [217], [217], [223]. However, considering the harsh conditions under which these high 

temperature protective coatings serve, it is necessary to investigate the mechanism of the erosion 

process under temperature profiles simulating real service circumstances. Experimental data of erosion 

rates for EB-PVD TC against different erodent were collected at temperatures ranging from room 

temperature (RT) up to 910℃ [224], [225]. Several numerical studies were conducted where erosion 

rates were estimated based on developed computer models [216], [226]–[228]. Nevertheless, there is a 

lack of studies focusing on evaluating the erosion behavior of EB-PVD TBCs under thermal cycling 

conditions. Furthermore, related research on the effect of thermal cycling parameters on erosion 

behavior is rarely found.  

 In the present study, erosion and erosion rates are estimated as a function of the number of thermal 

cycles based on a stochastic approach and existing analytical solutions [229]. Model parameters are 

fitted to experimental data considering the effect of temperature variation and time-dependent sintering 

behavior. The analytical solutions are modified to incorporate additional factors determining the 
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resistance of the target material against erosion, where a stochastic approach is introduced with 

randomly selected erosion parameters to approximate the erosion rates in real service conditions. In 

addition, a parametric study is conducted to evaluate the effect of erosion parameters, including impact 

velocity, accumulated impact mass and impact angles and thermal cycling parameters, i.e., the duration 

of high temperature dwell time on the erosion rates. Two erosion modes are identified at different stages 

of thermal cycles as a function of the ratio of high temperature dwell time over total cycling time. 

 

6.2. Analytical models for evaluating the erosion rates under different thermal 

cycling experiments 

 

Experimentally measured erosion rates for TBCs were tabulated in [224] for various impact angles at 

selected temperatures. For EB-PVD TBCs, the erosion tests were conducted using either spherical 

alumina particles with a 40 μm diameter at 540oC with an impact velocity of 122 m/s [230], or spherical 

silica particles with a 60 μm diameter at room temperature (RT) with an impact velocity of 170 m/s and 

at 910oC with an impact velocity of 300 m/s [225], respectively. It is evident that the measured erosion 

rates shown in Table 18 from Appendix B.1 demonstrate a temperature-dependent behavior with respect 

to different test temperatures. That is, the coatings were eroded in a brittle manner under RT and 540oC, 

as the erosion rate increases with impact angle, where the maximum erosion rate was found at high 

impact angle (90o). However, the coating was eroded in a pseudo-ductile manner, according to [225], 

under 910oC whereas the maximum erosion rate was found at a shallow impact angle (30o) with a 

decrease in erosion rate as the impact angle increased. It should be noticed that a pasty deposit of erodent 

silica was identified at the surface of the TC for the erosion experiment conducted at glancing angles at 

elevated temperature [225]. This suggests that during the high temperature erosion process, there exists 

a softening/partial melting of erodent silica particles while impinging on the heated TC surface. The 

softened silica erodent is capable of pulling out fracture sections of coatings that otherwise not be 

removed at a relative shallow angle [216], [224], [225]. This results in pseudo-ductile erosion at 
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elevated temperatures. In the present study, erosion rates are calculated under thermal cycling 

conditions, where both brittle and pseudo-ductile erosion are expected during different stages of cycling 

temperatures. 

Neilson et al [229] proposed an analytical model where the total erosion damage is described by a 

combination of cutting wear and deformation wear. The former is associated with eroding forces parallel 

to the surface under eroding attack, whereas the latter is associated with the eroding force component 

normal to the surface. The kinetic energy components of the impacted particles are also considered with 

respect to directions normal and parallel to the target material surface. Those energies are absorbed in 

the target material surface and account for either deformation or cutting wear. Neilson et al defined the 

cutting wear kinetic energy ϕ and deformation wear kinetic energy ε, which are absorbed by the target 

material surface to release a unit mass of eroded material. The analytical expression of total erosion is 

given by [229] 
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where 
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Here, Wt is the total amount of erosion produced by the accumulated total mass M of erodent at the 

attack angle α with erodent velocity V. In equation (93), section B accounts for the deformation wear 

at large angles and sections A and C accounts for cutting wear at small angles, respectively [229]. The 

Wt in equation (93) is calculated based on the attack angle α, as it increases from glancing angle to 

large angle. For small angles of attack, the particles may sweep onto the surface and finally leave again 

with a residual amount of parallel kinetic energy [229]. As the attack angle α increases, there exists a 

critical angle called 0  where the residual parallel component of particle velocity is zero, where 

equations (1A) and (1B) predict the same erosion ( ( )0 1sin n = ). For hard materials subject to 

deformation wear, there exists a critical impact velocity K below which no erosion takes place. 

Applying the experimental measured erosion rate from Table 18 from appendix B.1 to equation 

(93), the parameters characterizing the erosion behavior including 0 , , ,n    are calculated and 

tabulated in Table 19 at a selected temperature, impact velocity as well as the type of erodent. The 

details are described in appendix B.1. It is noted that with the term “ sin n ” (α varies from 0 to 0 ) in 

section A of equation (1A), the calculated erosion from equation (1A) is less than that calculated from 

equation (1B). In other words, statistically, for a stochastic erosion experiment with random impact 

angles, the average erosion rate for a target material with large 0  is less than that with small 0 . 

According to Table 19, the larger 0  is calculated at higher temperature, which indicates the total 

erosion rate is smaller than that calculated at RT. This result is in accordance with those from [231]. 

Therefore, 0  is approximated as a quadratic function of temperature by  

 
6 2

0 8.31 10 0.0082 19.47T T −=  + +  (95) 

Here, T is the temperature profile of the thermal cycling condition and is described in section 6.3.1. n 

is evaluated by substituting equation (95) into equation (94).  
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Unlike the 0  and n, it is evident that the calculated cutting wear kinetic energy ϕ and 

deformation wear kinetic energy ε depend on more than the variation in temperature, Table 19 from 

appendix B.1. Hence, for the present study, we consider that the cutting wear kinetic energy ϕ and 

deformation wear kinetic energy ε are determined by multiple factors. The parameters characterizing 

the properties of the erodent and target material, and the erosion experimental parameters have a 

profound effect on the kinetic energies. These parameters are used to re-evaluate the kinetic energies 

and are described in the following sections. 

 

6.2.1. Parameters affecting deformation wear kinetic energy ε 

 

Sheldon et al [232] studied the plastic deformation of target material under eroding impact. The impact-

induced plastic strain is large enough to exceed the ultimate plastic strain and results in rupture at the 

surface of the target material. Sheldon et al demonstrated that the material removed by the impacting 

particle flows out around the sides of the cavity by the advancing particle until the displaced material 

is sufficiently strained to break off [232]. For a spherical particle with a diameter D and density P

impacting the target material with velocity V normal to the surface, the depth created by impacting 

erodent that left q at the surface of the target material, the removed material amount W per gram of 

impacting particle is proportional to 
3q , and is given by [232] 

 
( )

1.53 3

3

1.5

P

V

D V
W q

H


=  (96) 

where VH  is the Vickers hardness of target material. 

Considering the erosion generated from a stream of erodent with accumulated mass M, the 

deformation wear dW  can be approximated by the mass lost due to impact-removed material as  
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3

d TW q=  (97) 

where T  is the surface density of the target material, and η is a fitting parameter. Substituting 

equation (96) into equation (97) and considering the critical impact velocity K, the deformation wear 

dW  can be rewritten as 
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where V V K = −  and R  is the radius of spherical erodent.  

To describe the amount of deformation wear with equation (93) and substituting equation (98) in 

section (B) of equation (93) with 90o =  and accumulated total mass 

3
4

3
PM R 
 
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 

, the 

deformation wear kinetic energy   can be derived as 
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−
 (99)  

where the critical impact velocity K is given by [233]  
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The PE , P and TE , T are elastic moduli and Poisson ratios of erodent and target material, 

respectively. Note that the parameters used to describe the properties of the target material equations 

(99)-(100) are temperature-process-dependent as the erosion rate is evaluated under thermal cycling 

conditions. Therefore, it is expected that the deformation wear kinetic energy   is a function of both 

temperature and time, as will be demonstrated in section 6.3. 
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6.2.2. Parameters affecting cutting wear kinetic energy ϕ 

 

As for the approach to evaluate the deformation wear kinetic energy, a similar method is used to 

evaluate the parameters affecting the cutting wear kinetic energy . Evans [234] postulated that a lateral 

fracture initiates within a zone that extends to the elastic-plastic interface at full penetration. The 

maximum depth of penetration for spherical particles on impact, maxZ , is given by [216], [224], [235] 

and revised as 

2 2
2 35 5
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H r

   
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  
 (101) 

where k is a constant. r is defined as the radius of the contact point between erodent and target 

materials[216].  

Considering the erosion generated from a stream of erodent with accumulated mass M, the cutting 

wear cW  can be approximated by the mass lost due to material removed from impact as 

 

 
3

maxc TW Z=  (102) 

Here,  is a fitting parameter. Substituting equation (101) into equation (102), equation (102) 

becomes 
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To describe the amount of cutting wear with equation (93), we substitute equation (103) in section 

(A) or section (C) of equation (93) with 0o = and accumulated total mass

3
4

3
PM R 
 

=  
 

. The 

cutting wear kinetic energy   can then be shown to be given by 
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In the present study, under the silica erodent with impact velocity V=170m/s and V=300m/s, 

average diameter 2R=60μm, the erosion regime is identified to be Mode I (erosion-lateral cracking/near 

surface plasticity) by using the erosion maps[216], [217], [224], as indicated by the red point in Figure 

90, where the lateral cracks are mostly located at near surface region as a result of small particle erosion 

[8]. By using the erosion maps, the radius of the contact point between erodent and target materials 

58.51 mr   for V=300m/s and 44.23 mr   for V=170m/s are also obtained, respectively. 
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Figure 90 Erosion map for EB PVD TBCs eroded with silica [217] where red spot marks the case for 

erodent with impact velocity 300m/s and average diameter 60μm 

Rewriting equation (99) and equation (104) into equation (105), it should be noted that the term 

m
n

V

P

H

V

 
 
 
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 exists for both deformation wear kinetic energy ε and cutting wear kinetic energy ϕ, which 

indicates that both type of kinetic energies are affected by Vickers hardness, density of target material 

and velocity of impacting erodent. 
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 (105) 

Nevertheless, the discrepancy between the exponent n on the Vickers hardness and overall 

exponent m suggests a difference in the effect of each parameter on the kinetic energy for cutting wear 

and deformation wear processes. 
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6.2.3. Stochastic erosion process for EB-PVD TBCs under thermal cycling conditions 

 

During service operations, the material properties including cutting wear kinetic energy ϕ and 

deformation wear kinetic energy ε, temperature-dependent n, α0 differ at each impact event during 

thermal cycles, which lead to different erosion rates. The erosion rate normally follows a random pattern. 

Therefore, the erosion rate under thermal cycling conditions is evaluated at a random time 

(corresponding to a random temperature in the thermal cycle) with random impact angles for the given 

thermal cycles, where a stochastic approach is applied. It is assumed that there are P randomly selected 

(  1,3600P ) impacts occurring at randomly selected times it  ( 1,2,3...i P= ) within a thermal 

cycle consisting total 3600s. For each impact at random time it , the erosion occurs with a random mass, 

randomly selected impact angle i  and constant velocity V, as shown in Figure 91.  
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Figure 91 The schematic diagram of stochastic process  



208 

 

where    indicates no erosion occurs at that time point, 
i

i

i

i

t

m



 
 
 
 
 
 

indicates it is the 
thi  erosion that 

occurs at time it  with impact mass im  and impact angle i . It is then assumed that the accumulated 

impact mass for a thermal cycle is a constant M , where  
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=  (106) 

For the total accumulated erosion occurring within a specific number of cycles, the total erosion 

can be calculated by a sum of cutting wear including the components for 0i   and 0i 

( 1,2,3...i P= ), as well as the deformation wear, equation (107). 
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Here, PA is the total times of impacts with impact angle 0i   and PB is the total times of impacts 

with angle 0i   ( A BP P P= + ). In addition, the erosion rate Wr (g/Kg) is calculated from 

 t
r

W
W

M
=  (108) 

The variables that need to be determined stochastically include (a) the total number of impacts P 

occurring within a specific number of cycles (  1,3600P ) (b) the time it  for erosion occurring at 
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a specific number of cycles ( 1,2,3...i P= ) with (c) the impact mass im  and (d) impact angle i  for 

erosion at each moment in a thermal cycle. The total number of stochastic simulations for erosion rate 

calculated at a specific number of cycles is assumed to be 106. With a large number of “sampling 

calculations”, the final erosion rate is found to follow a normal distribution and is calculated with a 

mean and standard deviation 2   using a normal distribution, as will be discussed in section 6.4.1. 

 

6.3. Model parameters under thermal cycles  

 

6.3.1. Temperature profile for thermal cycling conditions 

 

In a practical environment for EB-PVD TBCs, the cycling temperature profile is assumed to consist of 

10 minutes of increase from room temperature (RT) to 1400oC, 40 minutes high temperature dwell time 

( 40HIGHt = ) followed by 10 minutes of temperature drop. The cyclic temperature field pattern used to 

describe temperature variations within a thermal cycle was chosen as 

 

1

1 2

2
2 3

exp 0

1673.15

exp

INC INC

INC

DEC DEC

DEC

t
A T t t

W

T t t t

t t
A T t t t

W

  
 − +    
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

 −  − +   
  

 (109) 

In equation (109), t1, t2 and t3 represent the time at the end of heating, dwell and cooling processes, 

respectively. -1385.96INCA = , 110.11INCW =  , 1679.11INCT =  and 1405.82DECA = ,

150.11DECW =  , 267.33DECT = are fitting parameters for the heating and cooling process. Following 
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equation (109), the cycling temperature pattern is fitted by temperature profile in [185] and shown in 

Figure 92 . 

 

Figure 92 The surface temperature profile of EB-PVD TBCs [185] 

The effect of high temperature dwell time on the erosion rate is discussed in section 6.4.2, whereas 

different erosion rates are calculated based on the variation of the ratio of high temperature dwell time 

to total thermal cycle time, HIGH cycleRt t t= .  

 

6.3.2. Material properties of EB-PVD TC under thermal cycling conditions  

 

The goal of the current research is to investigate the erosion rate of EB-PVD TBCs under high 

temperature thermal cycling conditions. Therefore, the parameters used to evaluate the properties for 

the target material in equation (105) are considered to be temperature-dependent, whereas the 

properties of erodent are obtained from the ambient temperature with a relative short contact time during 

the erosion process. Nevertheless, there exists a variation of material properties of erodent relative to 

the target material at different temperature ranges, reflected by different erosion behavior observed 

between the low temperature (brittle erosion) and high temperature (pseudo-ductile erosion). The 
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correlation of material properties between erodent and target material is described using fitting 

parameters for cutting and deformation wear kinetic energies and will be demonstrated in section 6.3.3. 

The measured data in [224] showed different types of erodent applied to erosion tests at selected 

temperatures. Silica particles are chosen to be the erodent against EB-PVD TBCs as target material for 

the current study. The parameters of erodent used in equation (105) are tabulated in Table 6. 

 

Table 6 The parameters of silica erodent at ambient temperatures  

Type of erodent 

Density 

(Kg/m3) 

Radius of 

particle (μm) 

Elastic modulus 

(GPa) 

Poisson’s ratio 

SiO2 2320 60 65.2[236] 0.17[236] 

 

The mechanical properties of target material in equation (105) include density, Vickers hardness, 

yield strength and Poisson’s ratio used in the analytical expression for critical velocity in equation (23). 

In addition to the temperature and time-dependent behavior, it is necessary to point out that these 

mechanical properties vary as a function of orientation for the anisotropic TC of EB-PVD TBCs.  

 

(a)  Variation of density of EB-PVD TC under thermal cycling conditions 

 

The variation of total relative density rl  as a function of sintering time is given by [139] 
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 1rl i e  = + −  (110) 

where i  and e  are relative internal (intra-columnar) and external (inter-columnar) density of YSZ 

TC. It is assumed that the variation of relative density is only affected by microstructure change, i.e., 

rl  increases due to the sintering effect at elevated temperature as a consequence of pores shrinking 

during the high temperature dwell period [139]. The density of the TC is given by 

 

 T dense rl  =   (111) 

where 
35650 /dense kg m =  is the density of full dense YSZ[147]. The variation of total density as a 

function of cycling time is calculated and illustrated in Figure 93. 
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Figure 93 Density of YSZ TC as function of time (a) for first three cycles (b) full 300 cycles 

 

(b) Variation of out-of-plane elastic modulus of EB-PVD TC under thermal cycling conditions 

 

The method used to describe the cycling-dependent out-of-plane elastic modulus of TC was presented 

in chapter 3.2.1 which won’t be demonstrate here. 

 

(c) Variation of anisotropic Vickers hardness of EB-PVD TC under thermal cycling conditions 

 

The Vickers hardness VH  is required in estimating both cutting wear and deformation wear kinetic 

energies ε, ϕ in equation (105). The Vickers hardness VH  in equation (105) has different values in 
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the in-plane and out-of-plane directions for the anisotropic TC layer of EB-PVD TBCs. The temperature 

and time-dependent Vickers hardness VH  is evaluated using analytical models.   

Similar to the elastic modulus, the time-dependent Vickers hardness VH is affected by the 

sintering of the TC during high temperature exposure time [8], [237]. The inter-columnar cracks 

disappear from the surface of the TC after TBC exposure at 1400oC [8]. The previous clear columnar 

structure gap that sintered together during high temperature dwell time leads to an increase in hardness. 

The VH  was fitted to experimental data in [8] and is given by 
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   
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( )in

VH t  and ( )out

VH t  are time-dependent Vickers hardness, 
t

iH

sinA ,
t

iH

sinQ and _ 0inC  are fitting 

parameters for the in-plane hardness where 
t

iH

sinB ,
t

iH

sinW  (i = 1, 2) and _ 0outC  are fitting parameters 

for the out-of-plane hardness, respectively. The values of fitting parameters are tabulated in Table 7. 

The calculated Vickers hardness as function of high temperature dwell time at 1400oC in illustrated in 

Figure 94. 
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Figure 94 The variation of Vickers hardness during high temperature dwell time at 1400oC due to sintering 

effect, together with experimental data in [40] 

 

The temperature-dependent cycling Vickers hardness was studied in [238] where the 

experimentally measured Vickers hardness was obtained through temperature-variant indentation tests 

for EB-PVD ranging from room temperature up to 800oC. To simulate the changes of Vickers hardness 

versus temperature T during thermal cycling, experimentally measured moduli in [238] are formulated 

and then fitted approximately by as 
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where ( )in

VH T  and ( )out

VH T  are temperature-dependent Vickers hardness, 
T

HA ,
T

HQ and 
T

HB ,
T

HW  

are fitting parameters tabulated in Table 7. ( )in_0H t  and ( )out_0H t are process-dependent hardness 

of the TC estimated from isothermal sintering at the end of high-temperature thermal cycles using 

equation (112) and equation (113), respectively.  

 

Table 7 Fitting parameters used in calculation of Vickers hardness 

Fitting parameters values 

t

iH

sinA  

-8.99942 (i=1) 

-1.49089 (i=2) 

t

iH

sinQ  (K) 

126.95095(i=1) 

9.01642(i=2) 

_ 0inC  (GPa) 13.9525 

t

iH

sinB  

-14.22029 (i=1) 

-2.30728 (i=2) 

t

iH

sinW  (K) 412.31215 (i=1) 
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13.62966 (i=2) 

_ 0outC  (GPa) 27.1841 

T

HA  0.31257 

T

HQ  (K) 332.07745 

T

HB  0.31257 

T

HW  (K) 332.07745 

 

The assumptions are made that the hardness follows the same pattern on heating as on cooling, and 

that the effect of sintering on hardness can be neglected during this heating/cooling process. The 

temperature-process-dependent Vickers hardness can thus be estimated from equations (112)-(115). 

The pattern of the out-of-plane elastic moduli versus thermal cycle is shown in Figure 95 for a selected 

short period. Therefore, the Vickers hardness of the target material under thermal cycling conditions is 

evaluated by substituting 
in

VH  into the cutting wear kinetic energy ϕ and 
out

VH  into the deformation 

wear kinetic energy ε, equation (105). 
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Figure 95 Calculated temperature process-dependent TC hardness for first three cycles (a) in-plane Vickers 

hardness (b) Out-of-plane Vickers hardness 
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(d) Variation of yield strength of EB-PVD TC under thermal cycling conditions 

 

The yield strength of the target material plays a significant role in determining the critical velocity for 

deformation wear in equation (23). The temperature-dependent yield strength of 7YSZ material was 

used in [239], where the yield strength decreases as temperature raises. The experimentally measured 

yield strength with a linear fitting is illustrated in Figure 96.  

 

 

Figure 96 The yield strength of 7-YSZ as a function of temperature [239] 

In the present study, the sintering effect during high temperature dwell time leads to a shrinkage of 

micro pores within the columnar structure, which results in an increase in density and yield strength. 

Therefore, the temperature-process dependent yield strength of EB-PVD TC is evaluated by equation 

(116), considering the pore closure as a consequence of the sintering effect at elevated temperatures by  
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where 1.029 1Yk K= −  and 0 1865.51Y Mpa =  are fitting parameters in Figure 96. The 

density T  is given by equation (111). The calculated cyclic yield strength and yield strength 

estimated during high temperature dwell time are illustrated in Figure 97 as a function of time, 

 

 

Figure 97 The calculated yield strength of 7 YSZ TC of EB-PVD TBCs as a function of time (a) for three 

cycles (b) during high temperature dwell time 
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6.3.3. Characteristics of cutting wear and deformation wear kinetic energy of EB-PVD TC 

under thermal cycling conditions  

 

With the temperature-process-dependent parameters determined in the preceding sections, it is possible 

to evaluate the cutting and deformation wear kinetic energies as a function of thermal cycle. The 

experimental data used is based on erosion rates that were experimentally measured at room temperature 

(RT), 540℃ and 910℃ [225], [230], and in which the kinetic energies were calculated as described in 

the supporting document. However, the difference in erosion experimental settings at these 

temperatures makes it a challenge to evaluate the target material properties against erosion process. 

That is, the type and size of erodent for erosion experiments conducted at 540℃ are different from that 

conducted at RT and 910℃, where impact velocities are different at the three temperatures. For the 

present work, the experimental data measured at RT and 910℃ are selected to eliminate the effect of 

erodent type and size on target material properties. The kinetic energies for cutting wear ϕ and 

deformation wear ε are calibrated by calculating energies at RT and 910℃, and fitted by the fitting 

parameters  and    in equation (105). Meanwhile, the effect of high temperature sintering on the 

target materials are further evaluated in kinetic energies, where the sintering effect introduces potential 

inter-columnar cracks and further decreases the erosion resistance of target material. 
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(a) Fitting temperature-dependent model parameters η’’ and ξ’’ 

 

To minimize the effect of the time-dependent sintering on the cutting wear and deformation wear kinetic 

energies, the  and   are fitted by model parameters calculated at the first thermal cycles. For the 

deformation wear kinetic energy ε, the temperature dependent fitting parameter can be obtained by 

substituting the model parameters calculated at RT and 910℃ for silica erodent into the analytical 

expression for deformation wear in equation (105). The calculated results are tabulated in Table 8. 

 

Table 8 Calculated fitting parameters   ,  based on deformation wear/ cutting wear kinetic energy ε 

Temperature 

(℃) 

Impact 

velocity 

(m/s) 

Deformation 

wear kinetic 

energy 

(m2/s2) 

Calculated 

fitting 

parameters 

  

Cutting 

wear kinetic 

energy 

(m2/s2) 

Calculated 

fitting 

parameters 

   

20 170 57.90 10  0.0289 57.90 10  1.3452 

910 300 61.17 10  0.5582 68.33 10  1.0508 

 

Based on temperature ranging from RT to 1400℃ during thermal cycling conditions, a linear 

relationship is assumed between the fitting parameter and temperatures as 

 ( ) ( )+T A T K B  =   (117) 
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where 0.0005947A =  and -0.1454B = . Therefore, the temperature-dependent deformation 

wear kinetic energy is obtained by substituting equation (117) into equation (105). 

Similarly, for the cutting wear kinetic energy ϕ, the temperature dependent fitting parameter can 

be obtained by substituting the model parameters into equation (105). The calculated results are 

tabulated in Table 8. Based on temperature ranging from RT to 1400℃ during thermal cycling 

conditions, a linear relationship is assumed between the fitting parameter and temperatures as 

 ( ) ( )+T C T K D   =   (118) 

where -0.0003303C =  and 1.442D = . Therefore, the temperature-dependent cutting wear 

kinetic energy is obtained by substituting equation (118) into equation (105). 

 

(b) Evaluation of the sintering effect on cutting wear and deformation wear kinetic energy 

 

Wellman et al [217], [219] revealed that the high temperature sintering effect plays a significant role in 

determining the erosion rate of EB-PVD TBCs. It was suggested that sintering at the surface of the TC 

during high temperature dwell time triggers the densification of porous 7YSZ material, which 

potentially leads to nucleation of sintering cracks. These cracks tend to propagate within feathering-like 

columns at early stage of TBC lifetime and are stopped by columnar boundaries which act as an inhibitor 

and potentially decrease the erosion damage by external particles [217], [219]. However, as the high 

temperature exposure of EB-PVD TBCs proceeds, the vertical gaps and segmentation cracks between 

the feather columnar structures disappear, whereas the neighboring columns tend to sinter together. This 

facilitates the nucleation of inter-columnar sintering cracks that propagate parallel to the surface of the 

TC. The formation of inter-columnar cracks between neighboring columns leads to the increase of 

erosion rates by impact of external particles for EB-PVD TC[217], [219]. In addition, the excessive 
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erosion process will lead to a significantly decrease of erosion resistance [218], which facilitates the 

erosion process of EB-PVD TBCs. Therefore, it is necessary to incorporate the effect of sintering cracks 

on the kinetic energies in order to evaluate the sintering effect on the time-dependent thermal cycling 

erosion behavior. This is described mathematically by 

 

( ) ( )
( )

( ) ( )
( )

1
,

1
,

g

T t T
f a

T t T
a

 

 

= 

= 

 (119) 

where a  is the sintering crack length, ( ),T t  and ( ),T t  are temperature-process-dependent 

deformation wear and cutting wear kinetic energy, respectively. The effect of sintering cracks on the 

decrease of deformation wear kinetic energy and cutting wear kinetic energy is described by ( )f a  and 

( )g a , equation (120). The fitting parameters are obtained from experimentally measured erosion rates 

as a function of sintering time at different elevated temperatures [217] and are tabulated in Table 9. The 

details of the modelling process are described in appendix B.2 and model calibration is described in 

appendix B.3. 
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Table 9 Fitting parameters used in calculation of kinetic energies 

Fitting parameters Values for V=300m/s Values for V=170m/s 
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crackA  -49.14166 10  71.34675 10−  

Qcrack  -3.73973  -1.20293  

y  0.62356  0.70749  

crackB  -62.76605 10  -176.64357 10  

Wcrack  -1.96022  -0.50085  

y  0.60787  0.69595  

 

Substituting equation (120) into equation (119) gives the temperature-process-dependent cutting 

wear kinetic energy ϕ and deformation wear kinetic energy ε. The calculated results at impact velocity 

V=300m/s are demonstrated in Figure 98. Similar calculated results are obtained at impact velocity 

V=170 m/s but with higher magnitudes of cutting wear and deformation wear kinetic energies since the 

lower velocity is used in equation (105).  
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Figure 98 The variation of kinetic energy for V=300m/s as a function of time (a) cutting wear in full cycle 

(b) deformation wear in full cycle (c) cutting wear with three cycle (d) deformation wear with three cycle 

 

According to Figure 98(a) and (b), both kinetic energies decrease as a function of time, which 

indicates that more erosion is expected with TBCs under longer sintering time. Meanwhile, the 

calculated results indicate that deformation wear kinetic energy increases and cutting wear kinetic 
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energy decreases when temperature increases. Based on the experimental data and past studies, an 

explanation for the calculated temperature-dependent kinetic energies is given below.  

The maximum erosion rates identified at shallow angles at elevated temperatures were described 

in [216], [224], [225]. A softening/partial melting/pasty of erodent silica particle does more damage at 

glancing angles according to the erosion data at 910oC tabulated in Table 18. This might suggest an 

increase in cutting wear, corresponding to a decrease in cutting wear kinetic energy as temperature 

increases. This softening of erodent could also explain the temperature-dependent deformation wear 

kinetic energy, which corresponds to a decrease of erosion rate at large impact angles at elevated 

temperatures. The experimentally measured erosion rates at 90o for EB-PVD TC are tabulated in Table 

10 [224].  

 

Table 10 The experimentally measured erosion rates at with impact angle 90o for EB-PVD TC as function 

of temperatures [224] 

Temperature 

(oC) 

Erodent 

Impact 

velocity 

(m/s) 

Erosion 

rates 

(g/kg) 

Erodent 

Impact 

velocity 

(m/s) 

Erosion 

rates 

(g/kg) 

RT 

40μm 

alumina 

particles 

/ / 

60μm 

silica 

particles 

170 17.4 

540 

122 

14.7 

/ / 

705 25.0 
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815 25.6 

910 / / 300 5.4 

 

It is evident that for silica erodent, deformation wear suggested by erosion rate measured at large 

angles drops dramatically at elevated temperatures, even if a higher impact velocity was applied. Note 

that the erosion rate of EB-PVD under alumina particles attack increases as temperature increases, 

which is opposite to that of silica erodent. For the present study, it is considered to treat the erodent and 

target material as a system, i.e., the cutting/deformation kinetic energy must be evaluated considering 

the temperature-dependent material properties of both coating system and erodent. For a silica particle 

- EB-PVD TC erosion system, while a softening/half melting silica particle impacts the surface of EB-

PVD TC (silica softens at 500oC [240]) at high temperature at large angles, it is possible that the partial 

melting silica erodent remains at the surface of target materials, which reduces the actual measured 

erosion rates. This further leads to a decrease in calculated deformation wear and a corresponding 

increase in deformation wear kinetic energy as a function of temperature. On the other hand, for alumina 

particle - EB-PVD TC erosion system, it is possible that erosion rates measured at elevated temperatures 

reveal the actual deformation wear, considering the alumina particles are more heat-resistant and 

unlikely to be stuck on the surface of the TC. This explains the increasing erosion rates as temperature 

increases in Table 10. Nevertheless, it is reasonable to consider that the variation of cutting/deformation 

wear at elevated temperatures reveals the effect of different thermophysical properties of erodent on 

erosion rate for the target material, which is revealed by temperature-dependent fitting parameters 

( )T  and ( )T   in evaluating the kinetic energy for the present study. 
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6.4. Results and discussions 

 

The calculated erosion cW  and erosion rate rW  for thermal cycling conditions are explained in the 

present section. A parametric study is conducted to study the effect of impact velocity, impact angles 

and accumulated erodent mass on the erosion rate vs. number of cycles. The effect of ratio Rt  of high 

temperature dwell time over total time of thermal cycle on the erosion rate is also discussed. 

 

6.4.1. Temperature-time dependent erosion rate during thermal cycling based on variation of 

erosion parameters 

 

Based on the determined temperature-process-dependent model parameters, the current analytical 

model can predict the erosion and erosion rate of silica particle- EB-PVD TC erosion systems under 

thermal cycling conditions using a stochastic approach. As described in section 6.2.3, considering the 

randomly determined a) total number of impacts P, (b) time it  for erosion at a specific number of 

cycles with (c) impact mass im  and (d) impact angle i  for erosion in a thermal cycle as an 

independent event, the erosion and erosion rates can be estimated by statistical methods based on a 

massive number of repeated independent experiments. The calculated erosion rate is shown to follow a 

normal distribution with mean value and standard deviation 2   based on 68-95-99.7 rule. An 

example is given in Figure 99, where the calculated erosion rates at the 10th cycle are shown with impact 

velocity 300m/s and 170m/s, respectively. 
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Figure 99 the calculated erosion rate at the 10th cycle with impact velocity (a) V=300m/s (b) 

V=170m/s 
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(a) The calculated erosion rate vs. thermal cycles and impact velocity 

 

The effect of impact velocity on erosion rates is evaluated using the parameters in Table 11. The 

calculated erosion rates are illustrated in Figure 100 as a function of cycles at two different impact 

velocities.  

 

 Table 11 Parameters used to calculate erosion rates for different impact velocities 

No# of Cycle 

Temperatures 

(oC) 

Impact angles 

(o) 

Impact mass 

(kg) 

Impact velocity 

(m/s) 

Determined 

cycle number N 

ranging from 

[10, 300] 

Randomly 

selected T 

ranging from 

[RT, 1400] 

Randomly 

selected α 

ranging from  

[5, 90] 

Randomly 

selected im  

ranging from 

[0, M] 

Determined V: 

170,300 
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Figure 100 The calculated erosion rate as a function of cycles at impact velocities V=300m/s and 

V=170m/s 

 

It is evident that both erosion rates increase as a function of cycles, and normally large impact 

velocity results in heavy erosion. A particle with a larger impact velocity generates a larger kinetic 

energy (equation (107)) whereas cutting wear/deformation wear kinetic energy decrease as impact 

velocity increases. In addition, a larger impact velocity might lead to propagation of sintering cracks, 

which potentially results in the propagation of delamination cracks due to the erosion impact with a 

thicker coating spalled off the surface of the TC as it undergoes the cutting wear damage from glancing 

angles. 
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(b) The calculated erosion rate vs. accumulated erodent mass under thermal cycles   

 

The effect of accumulated mass on erosion is discussed based on parameters tabulated in Table 12. The 

erosions are calculated as a function of accumulated mass ranging from 1 to 100 grams at various stages 

of thermal cycles, Figure 101.  

 

Table 12 Parameters used to calculate erosion rates for different impact velocities 

No# of Cycle 

Temperatures 

(oC) 

Impact angles 

(o) 

Impact mass 

(g) 

Impact velocity 

(m/s) 

Determined 

cycle number N 

ranging from 

[10, 300] 

Randomly 

selected T 

ranging from 

[RT, 1400] 

Randomly 

selected α 

ranging from  

[5, 90] 

Determined 

accumulated 

mass M ranging 

from [10, 1000] 

Determined V: 

300 
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Figure 101 The calculated erosion as a function of accumulated mass at different number of cycles 

 

It is evident that a linear relationship is obtained for erosion as function of accumulated mass, which 

the erosion rate (slope of curves) is constant for each number of cycles. For erosion calculated at 

different stages of thermal cycles, it is suggested that the growth of sintering cracks plays a significant 

role in lowering the magnitude of kinetic energies, Figure 98, which results in higher erosion estimated 

at later stages of thermal cycles. 
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(c) The calculated erosion rate vs. impact angles under thermal cycles   

 

The effect of impact angles on erosion is discussed based on parameters used tabulated in Table 13. The 

erosion rates are calculated as a function of impact angles ranging from 5°to 90°at various stages of 

thermal cycles, Figure 102. 

Table 13 Parameters used to calculate erosion rates for different impact angles 

No# of Cycle 

Temperatures 

(oC) 

Impact angles 

(o) 

Impact mass 

(kg) 

Impact velocity 

(m/s) 

Determined 

cycle number N 

ranging from 

[10, 300] 

Randomly 

selected T 

ranging from 

[RT, 1400] 

Determined 

impact angles α 

ranging from  

[5, 90] 

Randomly 

selected im  

ranging from 

[0, M] 

Determined V: 

300 
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Figure 102 The calculated erosion rate as function of impact angle α for different number of cycles 

 

Because of propagation of sintering cracks on the durability of the TC, the erosion rate calculated 

at later stages of thermal cycles is higher than that estimated from earlier stages of thermal cycles. This 

is reflected by the increase of peak erosion rates, estimated at 30o as thermal cycle proceeds. In addition, 

all the erosion curves estimated as a function of impact angle suggest that erosion for EB-PVD TC 

under thermal cycling conditions occurs in a pseudo-ductile erosion manner. This is correlated to the 

erosion behavior under elevated temperatures. In the present work, it is expected that the pseudo-ductile 

erosion might be estimated for temperatures above 220oC, Figure 130(a) from appendix B.3. 

Statistically, the probability for erosion occurring during high temperature dwell time equals the ratio 

of high temperature dwell time over total time of thermal cycle 
2

3
Rt = . Therefore, a relatively large 

probability of erosion occurs at elevated temperatures, making the cyclic erosion pseudo-ductile, where 

the sintering effect leads to an increase in maximum erosion rate calculated at glancing angles. 
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6.4.2. Temperature-time dependent erosion rate during thermal cycling experiments based on 

variation of thermal cycling parameters 

 

Apart from the effect of erosion parameters on erosion (rates), the parameters controlling the thermal 

cycling conditions might also exert a profound effect on erosion behavior for EB-PVD TC. To date, 

two different thermal cycling tests were developed for examining the performance of TBCs. The first 

is an isothermal furnace test, which consists of a slow heating/cooling period with a relatively long high 

temperature dwell time. This facilitates propagation of sintering cracks at elevated temperatures [96], 

[97], [241], [242]. The second test is a burner cycling test (burner rig test), which consists of a rapidly 

heating and cooling periods, with a relatively short high temperature dwell time. This is used to simulate 

a process of subsonic engine takeoff and shutdown in real service conditions [6], [185], [198], [199]. 

Irrespective of the effect of rate of temperature change on erosion behavior, it is expected that the ratio 

of high temperature dwell time over total time of the thermal cycle will have significant effect on erosion 

behavior of EB-PVD TC. This is evaluated and described in the following sections. 

 

(a) The calculated erosion rate as function of ratio of high temperature dwell time over total cycling 

time at various stage of thermal cycles   

 

According to the Figure 130 in appendix B.3, the calculated erosion rate decreases as temperature 

increases due to the overall increase of temperature-dependent kinetic energies. On the other hand, the 

propagation of sintering cracks during high temperature dwell time facilitates erosion at elevated 

temperatures, which results in an overall increase of erosion rates at later stages of thermal cycles, 

Figure 100-Figure 102. It appears that two opposite mechanisms dominate the high temperature erosion 
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behavior for EB-PVD TC. The results illustrated in Figure 130 only consider the erosion rates estimated 

during temperature variation at the first cycle, without involving factors such as sintering time-

dependent parameters. To investigate the effect of high temperature on the erosion of EB-PVD TC, it 

is necessary to estimate the erosion rate as function of ratio of high temperature dwell time over total 

time at different stages of thermal cycles.  

The effect of high temperature dwell time on erosion is discussed based on parameters tabulated 

in Table 14. The erosion rates are calculated as a function of the ratio of high temperature dwell time 

over total time ranging from 0.2 to 0.67 at various stages of thermal cycles, Figure 103.  

 

Table 14 Parameters used to calculate erosion rates for different high temperature dwell time 

No# of Cycle 

Temperatures 

(oC) 

Impact angles 

(o) 

Impact mass 

(kg) 

Impact 

velocity  

(m/s) 

Ratio of 

HIGH

cycle

t
Rt

t
=  

Determined 

cycle number 

N ranging 

from 

[10, 300] 

Randomly 

selected T 

ranging from 

[RT, 1400] 

Randomly 

selected α 

ranging from 

[5, 90] 

Randomly 

selected im   

ranging from 

[0, M] 

Determined 

V: 300 

Determined 

Rt ranging 

from  

[0.2, 0.67] 
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Figure 103 The calculated erosion rate as function of ratio of high temperature dwell time over total 

time for different number of cycles 

 

Two different erosion modes are identified with respect to different stage of thermal cycles. It is 

evident that for early stage of thermal cycles, the erosion behavior is dominated by temperatures, i.e., 

the longer the high temperature dwell time (so the higher the ratio Rt), the higher the probability that 

erosion occurs at elevated temperatures. As the sintering crack is inhibited at early stages of the thermal 

cycles, the estimated erosion rates follow the results indicated by the red curve in Figure 103, where the 

overall erosion rates decrease as high temperature dwell time increases. For the later stage of the thermal 

cycles, the erosion behavior is dominated by the sintering effect of the TC, i.e., sintering of the TC at 

later stages of thermal cycles results in sintering cracks reorienting at deeper planes away from the 

surface of the TC, Figure 129 from appendix B.2. This in turn might further lead to a larger amount of 

fractured TC pulled out under cutting wear at glancing angles, thus leading to an increased erosion rate.  
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(b) The calculated erosion rate as function of accumulated erodent mass for different ratio of high 

temperature dwell time over total cycling time 

 

The conclusion made in (a) of section 6.4.2 is further validated by erosion estimated as a function of 

accumulated mass, with selected ratios of high temperature dwell time over total cycling time at selected 

stages of thermal cycles, Table 15. The calculated erosions are shown in Figure 104 considering the 

ratio of high temperature dwell time over total cycling time as 0.2 and 0.67.  

 

Table 15 Parameters used to calculate erosion rates as function of accumulated mass with selected different 

high temperature dwell time and number of cycles 

No# of Cycle 

Temperatures 

(oC) 

Impact angles 

(o) 

Impact mass 

(g) 

Impact 

velocity  

(m/s) 

Ratio of 

HIGH

cycle

t
Rt

t
=  

Determined 

cycle number 

N ranging 

from 

[10, 300] 

Randomly 

selected T 

ranging from 

[RT, 1400] 

Randomly 

selected α 

ranging from 

[5, 90] 

Determined 

accumulated 

mass M 

ranging from 

[10, 1000] 

Determined 

V: 300 

Determined 

Rt ranging 

from  

[0.2, 0.67] 
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`  

Figure 104 Calculated erosion as function of accumulated mass with various of ratio of high 

temperature dwell time over total cycling time ratio at different stage of thermal cycles (a) N=10 (b) 

N=300 
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According to Figure 104(a), higher erosion is obtained with lower ratio of high temperature dwell 

time over total cycling time, which indicates temperature-dependent erosion at early stages of the 

thermal cycles. In Figure 104(b), higher erosion is obtained from a higher ratio Rt when the propagation 

of sintering cracks facilitates further erosion at later stages of the thermal cycles. Note that the 

discrepancy between the two curves in Figure 104(a) is smaller than that obtained in Figure 104(b). 

This might suggest that the effect of sintering cracks on the erosion of EB-PVD TC is higher than that 

dominated by temperature at early stage of thermal cycle.  

 

(c) The calculated erosion rate as function of impact angles for different ratio of high temperature dwell 

time over total cycling time 

 

The erosion rates are also investigated as a function of impact angles at selected ratio of high 

temperature dwell time over total cycling time, Table 16. The calculated erosion rates are shown in 

Figure 105, considering the ratio of high temperature dwell time over total cycling time as to 0.2 and 

0.67. 
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Table 16 Parameters used to calculate erosion rates as function of impact angles with selected different 

high temperature dwell time and number of cycles 

No# of Cycle 

Temperatures 

(oC) 

Impact angles 

(o) 

Impact mass 

(kg) 

Impact 

velocity 

(m/s) 

Ratio of 

HIGH

cycle

t
Rt

t
=  

Determined 

cycle number 

N=10,300 

Randomly 

selected T 

ranging from 

[RT, 1400] 

Determined 

impact angles 

α ranging 

from 

[5, 90] 

Randomly 

selected im   

ranging from 

[0, M] 

Determined 

V: 300 

Determined 

Rt=0.2, 0.67 
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Figure 105 Calculated erosion as function of impact angles with various of ratio of high temperature 

dwell time over total cycling time ratio at different stage of thermal cycles (a) N=10 (b) N=300 
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Similar to the conclusion made from Figure 104, the temperature-dependent erosion behavior and 

sintering effect dominate at early stages and at late stages of thermal cycles, respectively. Pseudo-ductile 

erosion is found for the erosion curves, where the maximum erosion rates are identified at nearly 30o at 

either earlier or later time of the thermal cycles. 

 

6.5. Conclusions  

 

A stochastic approach was used to evaluate the erosion behavior of EB-PVD TC under thermal cycling 

conditions. With experimentally measured erosion rates under different temperatures, the temperature-

process dependent model parameters used in analytical expressions were determined. Specifically, the 

cutting wear and deformation wear kinetic energy were re-evaluated considering material properties of 

the erodent and target material and by fitting experimentally measured erosion data. For silica particle- 

EB-PVD TC erosion system, pseudo-ductile erosion was identified for temperatures approximately 

above 220oC. This is correlated to the increased cutting wear at glancing angles and decrease of 

deformation wear at high angles due to the softening and partial molten silica particles at elevated 

temperatures. The erosion and erosion rate obtained by the stochastic approach was found to follow a 

normal distribution and the calculated results were presented with a mean value and standard deviation 

2  , based on 68-95-99.7 rule. A parametric study was conducted to reveal the relationship 

between erosion and the impact velocity, accumulated erosion mass as well as impact angles. 

Additionally, it was identified that the erosion behavior of EB-PVD TC is dominated by either 

temperature variations at early stages of thermal cycles or by the sintering effect at later stages of 

thermal cycles. 
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The results for the present study should also be considered by combining damage and failure 

mechanism analysis for EB-PVD TBCs under thermal cycling conditions. For abovementioned two 

different thermal cycling experiments, the failure mechanism of EB-PVD TBCs under a burner cycling 

test usually accompany with a sufficient thermal gradient exists throughout the thickness of TC layer 

with thermal shock developed with a duration of temperature variation. Apart from these “internal factor” 

of damage mechanism caused by the change of temperature field, extra attention should be focused on 

erosion damage at early stages of thermal cycles, according to estimated erosion (rates) for small ratio 

of Rt. The temperature-dependent erosion behavior is expected to be maximum at low temperature in a 

brittle manner. The isothermal furnace test with a long period of high temperature dwell time is used to 

simulate the engine serving for civil aircraft. Apart from the “internal factors” of failure mechanism of 

EB-PVD TBCs that involve the coefficient of thermal expansion mismatch as well as TGO growth, 

there exists a significant sintering effect at the surface of the TC which leads to extensive propagation 

of sintering cracks at deep planes within the TC layer. This potentially makes erosion occurring at later 

stages of the thermal cycles produce a large amount of damage at the surface of TC, according to 

estimated erosion (rates) for large ratio of Rt. This facilitates the spallation of the TC and leads to 

catastrophic failure.  

 

  



248 

 

7. Summary and Conclusions 

 

The conclusion of the Ph.D. research work is addressed based on objectives developed at the initial 

stage of the study. The research objectives were completed and summarized in published journal papers 

that are described below. 

 

7.1. Development of stress models based on either numerical or analytical method—

—Research objective 1 

 

Model parameters describing the variation of material properties under different thermal conditions can 

be used to describe the residual stress generated as a function of time. In this thesis, numerical methods 

were applied to investigate the stress distribution within TC, TGO and BC layers in EB-PVD TBCs as 

a consequence of different driving forces, i.e., the residual stress developed upon cooling due to CTE 

mismatch between layers and TGO stress generated during high temperature holding time due to 

dilatational strain generated by progressive oxidation of BC where phase transformation occurs from 

metallic phase to oxidizing phase. The development of residual stress close to the interface is 

significantly affected by the evolution of either localized/global interfacial roughness where the shifting 

of positions of maximum stress identified furtherly have a strong influence on cracking behavior/failure 

mode of EB-PVD TBCs. This was fully described in Chapter 3 and Chapter 4. For APS-TBCs, the 

stress study was conducted by analytical methods, where the residual stresses were estimated by 

analytical expressions. The residual stresses were generated considering driving forces including CTE 
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mismatch between layers, TGO growth, thermal gradient throughout the TC layer and thermal shock 

due to the rapid duration upon heating and cooling process. Using the resulting stresses, the ERRs were 

calculated to investigate the effect of different crack driving forces on the durability of APS-TBCs 

generated under different thermal cycling experiments. This was fully described in Chapter 5.  

 

7.2. Failure mechanism analysis based on qualitative and quantitative evaluation—

—Research objective 2 

 

The failure mechanism analysis was conducted for both APS and EB-PVD TBCs given that the stress 

analysis was conducted and described in Chapters 3-5. It is noted that research on failure mechanism 

analysis had been done for both type of TBCs, yet there was a lack of studies regarding which failure 

theories are connected to evolution of variables or specific service environments. In this thesis, the 

failure mechanism was evaluated quantitatively based on APS-TBCs under different thermal 

environments. The equivalent energy release rates (ERRs) were estimated at specific pre-oxide TGO 

thickness, and a comparison was made for calculated energy flux obtained under burner cycling tests 

and isothermal furnace tests. Specifically, the presence of thermal gradient leads to the generation of 

corresponding ERR where the rapid heating/cooling rate of burner cycling test introduced thermal shock 

which was considered to be another crack driving force. A thermal cycle containing a relatively slow 

heating/cooling rate with a long period of high temperature holding time was designed for APS-TBCs 

under isothermal furnace cycling test. The ERRs generated as consequence of CTE mismatch between 

layers and TGO growth were estimated. This work was fully described in Chapter 5. The failure 
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mechanism was evaluated qualitatively based on residual stress analysis for EB-PVD TBCs as a 

function of evolution of either localized or global interfacial roughness profile. The maximum residual 

stresses were identified with changes in interfacial roughness in both shape and size as a function of 

thermal cycles. Combined with failure theories from past studies, possible cracking scenarios at either 

peaks of the BC or valleys of the TC were described with the evolution of localized interfacial roughness, 

Chapter 3. The effect of the evolution of global interfacial roughness profile on the failure mechanism 

of EB-PVD coatings was discussed. The development of a transitional roughness model, where 

position-dependent maximum residual stress was identified provided an insight into possible cracking 

positions at post-failure of life cycle. With development of other interfacial roughness models 

describing interfacial roughness at different stage of thermal cycles, possible cracking routes were 

elaborated as a function of evolution of global interfacial roughness. This work was fully described in 

Chapter 4.  

 

7.3. The development of solid particle erosion model based on EB-PVD TBCs——

Research objective 3 

 

The goal of the present study was to investigate the amount of erosion/erosion rate for EB-PVD TBCs 

under real engine service conditions. Factors determining the erosion behavior of the TC layer included 

the mechanical properties of target material (coatings) and erodent (silica particles in the present work), 

as well as parameters controlling the thermal environment of the TBCs. Based on past works which 

focused on temperature-dependent erosion rates and erosion rates affected by aging at different 

temperatures and time, the amount of erosion/ erosion rates was evaluated for EB-PVD TC impacted 
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by silica particles under thermal cycling conditions using modified analytical expressions and 

temperature-process-dependent model parameters. A stochastic approach was applied to simulate the 

erosion of TBCs under real service conditions, where the total number of impacts, the moment for 

impacting occurrence, the mass and angle for individual impacting were randomly selected within a 

thermal cycle. The total erosion was evaluated as a sum of cutting wear damage and deformation wear 

damage. The model parameters were calibrated by experimental data and the relationship between the 

amount of erosion/erosion rate and impact velocities, accumulated impact mass, pre-determined impact 

angles were investigated. In addition, the effect of parameters controlling the thermal cycling on the 

erosion rates was discussed. This work was described in Chapter 6.  

 

8. Future works 

 

Despite of a comprehensive study presented above, potentially some works could be done to further 

improve the performance of present analytical/numerical models. On the one hand, for the proposed 

numerical solutions, the functionality of current model is limited since it fails to integrate the dynamic 

evolution of interfacial roughness profile into FE simulation, Instead, the residual stresses are estimated 

by the static roughness profiles characterized from different stages of life cycles, and calculated stresses 

are used to qualitatively conduct the failure mechanism analysis. It is expected that a roughness-

evolution dependent residual stress distribution could be obtained using the “ in-situ”  interfacial 

roughness profile as function of thermal cycles. In addition, a non-cracking model is applied for the 

present FE study where the crack nucleates as energy stored within layers exceeds the critical material 

toughness. For the future works, by introducing the dynamic cracking behavior (using either damage 
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model or cohesive zone theory), it is possible to conduct a quantitatively failure mechanism analysis 

that the energy release rates could be directly obtained from the numerical method based on FE analysis. 

On the other hand, the crack driving forces estimated from analytical models quantitatively are 

approximation of energy release rate through pure elastic energy functions. The energy stored from 

plastic deformation either during high temperature dwell time (creep effect) should be considered as a 

tremendous crack driving forces for crack nucleation. Simultaneously, the effect of external force 

generated within substrate layer on internal/residual stress distribution throughout the thickness of 

TBCs is significant factor determining the durability of TBC/engine components, specifically, the 

magnitude of centrifugal force reaches its maximum upon rotation of turbine blade in high velocity 

under high temperature service time. As the calculated results and conclusions from models needs to 

be validated, it is reasonable to consider the future research work combining with a proper designed 

experiments simulating the real engine service environments.  
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Appendix A - Supporting document for journal paper 3 in chapter 5 

 

A.1. Compilation of parameters and integration into analytical models using 

experimental data under thermal cycles 

 

A.1.1. Characteristics of material properties affected by pre-heat treatment 

 

As described in [185], APS-TBC specimen in both burner cycling and isothermal furnace test were pre-

treated in a high temperature environment to obtain the uniform pre-oxide TGO layer with different 

thickness. This process also leads to the sintering behavior and possible delamination crack growth 

identified within TC under isothermal exposure [131]. The effect of the pre-heat treatment on APS-

TBCs will be discussed in section A.1.1. The following different thermal cycling experiments applying 

to the TBCs yield various of life data which was found to be closely related to the pre-oxide thickness. 

The effect of the thermal cycling experiments on APS-TBCs will be discussed in A.1.2. The parameters 

affected by geometry of APS-TBCs will be discussed in A.1.3. 

 

(a) Preheat treatment introduced pre-oxide TGO growth 

 

All APS-TBC specimen undergoing the thermal cyclic experiments experienced first 4 hours pre-

treatment at 1000℃, followed by another 4 hours pre-treatment at 1080℃ under Argon atmosphere. 

This procedure produces a uniform 1.3μm pre-oxide layer mainly containing α-alumina due to the 
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progressive oxidation of CoNiCrAlY (MCrAlY) BC layer for all TBCs. The further heat treatment 

includes 20, 50, 105, 225, 300, 350 hours isothermal heating at 1080℃, resulting in the TGO thickness 

of 2.7，3.9，5.0，6.5，7.0，7.7μm for different APS-TBC specimen. Considering the initial TGO 

thickness of 1.3μm, the growth of pre-oxide TGO scale can be approximated using an exponential 

function as 

 

 ( ) TGOn ini

TGO p BC T O

Pre

Gd k T t d= +  (121) 

where 

 ( ) exp TGO
p BC TGO

Q
k T C

RT

 
=  − 

 
 (122) 

and where ( )pk T  is the temperature-dependent TGO growth rate. 
ini

TGOd  is the initial TGO thickness, 

1.3ini

TGOd m= , =33.56 m TGOn

TGOC s , =94.117TGOQ KJ mol  and 0.47687TGOn =  are TGO 

growth amplitude, TGO growth activation energy and TGO growth exponent, respectively. R is the 

gas constant and BCT  is temperature measured by a non-contact infrared thermometer [8] on the BC 

surface in Kelvin. The calculated TGO thickness as function of at preheat treatment time using equation 

(121) is plotted in Figure 106. 
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Figure 106 The thickness of pre-oxide TGO layer after isothermal pre-treatment at 1080℃ 

 

(b) Preheat treatment introduced sintering effect of TC 

 

The isothermal preheat treatment of TBCs under high temperature also introduces the sintering effect 

on 7YSZ TC, where the corresponding increase of TC elastic modulus can be described through [81] 

 ( )
0

0 0

TBC TBC
TC

TBC TBC TBC

E E
E t

E E E








=

+ −
 (123) 

where sinsin
sin1 exp tnt

t

B TC y

Q
A t

T




 
 = + −
 
 

. The 
0

TBCE  and TBCE
 are starting and bulk modulus of TC, 

the 
10

sin =2 10 m

tA s  sin 3tQ eV=  and sin 0.25tn =  are sintering amplitude, sintering activation 

energy and sintering exponent, respectively[81]. B  is the Boltzmann constant. t  is time in seconds. 

TC y
T  is position-dependent temperature within TC layer. The   in equation (123) reveals the effect 

of parameters on the variation of relative density of TC. The shrinkage of porous 7YSZ TC leads to 

closure of pores within TC, which is reflected by the decrease of porosity and increase of elastic 
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modulus up to the bulk material. The difference in sintering rate for TC could be expected if various 

high temperatures are applied. The concept of equivalent sintering time 
t

equiv

sint  should be used to 

describe the equivalent elastic modulus under different high temperature with its thermal history.  

 

 

Figure 107 The increase of TC elastic modulus as function of sintering time under different temperatures 

 

Figure 107 illustrates the increase of TC elastic modulus calculated by equation (123) as a function 

of sintering time at different depths of TC (with different temperatures when thermal gradient exists). 

It is evident that the same elastic modulus (e.g. 50Gpa) can be obtained by about 190 hours for TC 

sintering under 950℃, whereas it only requires 61 hours sintering under 970℃ and 6 hours sintering 

under 1010℃. This indicates that for the current study with respect to differences in preheat treatment 

temperatures and peak temperatures in the thermal cycling experiments, it is necessary to obtain an 

equivalent sintering time which bridges different thermal histories. It is assumed that the initial elastic 

modulus from the sintering process following thermal cycling experiments is 

( )1 ,TC TC cycley
E t s T T= = , where the 1t s=  indicates the time used to calculate the initial elastic 



280 

 

modulus at high temperature dwell time for the first thermal cycle is equal to 1s. 
TC cycley

T T=  suggests 

position-dependent peak temperatures are measured during dwell time of thermal cycles. Assuming the 

final elastic modulus from preheat treatment sintering process is ( ),TC F TC HTy
E t t T T= =  (where the 

Ft t=  indicates the time used to calculate the final elastic modulus at preheat treatment is equal to 

preheat treatment period described above (20-350 hours at 1080oC)), 
TC HTy

T T=  suggests position-

dependent temperatures are measured during preheat treatment. It is evident that the 

( )1 ,TC TC cycley
E t s T T= =  is a constant since maximum temperature (935-1150oC depends on the 

calculated depth of TC) and time (1s) used to calculate the initial elastic modulus in equation (123) is 

determined with respect to specific calculated depth y. However, for the preheat treatment, except for 

the difference of sintering temperature applied (1080oC) compared to the peak temperature of following 

thermal cycling conditions, there are seven sintering periods Ft which correspond to different final 

elastic modulus ( ),TC F TC HTy
E t t T T= = at the end of preheat treatment. Due to the difference of 

sintering densification from preheat treatment, various sintering rates are reflected by the different rate 

of increase of elastic modulus of TC expected during high temperature dwell time. It is necessary to 

quantify the difference of sintering rates due to the difference of preheat treatment period by using the 

equivalent sintering time 
t

equiv

sint  based on the criterion described below, 

I. If the initial elastic modulus from the following sintering process during thermal cycling 

condition ( )1 ,TC TC cycley
E t s T T= = is smaller than the calculated final elastic modulus from 

the previous sintering process ( ),TC F TC HTy
E t t T T= = , then equation (123) is applied to 

obtain the equivalent sintering time 
t

equiv

sint  for the following sintering process where the 

following elastic modulus is calculated starting from 
t

equiv

sint . 

II. If the initial elastic modulus from the following sintering process ( )1 ,TC TC cycley
E t s T T= = is 

greater than the calculated final elastic modulus from the previous sintering process 
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( ),TC F TC HTy
E t t T T= = , then ( ),TC F TC HTy

E t t T T= =  is applied as starting modulus 

0

TBCE  where the following elastic modulus is calculated starting from 1t s= . 

The calculated equivalent sintering time as a function of preheat treatment sintering time at 1μm 

above the TC/TGO interface is illustrated in Figure 108. The larger the equivalent time, the lower the 

rate of increase of the elastic modulus for high temperature dwell time during thermal cycling conditions. 

 

Figure 108 the calculated equivalent sintering time as function of preheat treatment sintering time 

 

The method used to calculate equivalent sintering time can also be applied to the calculation of 

TGO growth under isothermal furnace test, where the equivalent TGO growth time 
TGO

equivt  should be 

estimated to determine the initial TGO growth rate for the thermal cycling conditions. 
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A.1.2. Characteristics of material properties affected by thermal cycling experiments 

 

(a) Life data for different pre-oxide TGO thickness 

 

The life data based on different types of thermal cycling experiments are collected in [185] as a function 

of thickness of pre-oxide layer, Figure 109. 
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Figure 109 Life cycle of APS-TBCs under (a) burner cycling test (b) isothermal furnace cycling test with 

respect to different pre-oxide TGO thickness [185] 

 

(b) TGO growth under thermal cycling experiments 

 

The TGO growth under thermal cycling conditions is significantly affected by the temperature-

dependent TGO growth rate, ( )p BCk T  in equation (122). Several curves were illustrated in [131] 

according to experimentally measured TGO growth as a function of time based on different elevated 

temperatures. These data are used to fit the TGOC , TGOQ  and TGOn  in equation (122) and shown in 

Figure 110(a). Since the total TGO growth rate varies depending on both temperature and time, equation 

(121) is rewritten in incremental form, which is then used to describe the growth of TGO thickness 

under thermal cycling conditions as 
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( ) ( ) ( ) ( )
0 0 0 0

i i i i
equiv equiv equiv equiv

TGOTGO TGO TGO TGO

TGO equiv TGO equiv equiv eq

e

uiv TGt

P

Ot t t t

r

t t t

d
d t t d t d t t t d

dt= = = =

 
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 (124) 

where 

 
( ) ( )

0

1

exp

cycle
TGO

i
equiv

cycle n
TGO cycle cycle TGOTGO

TGO TGO equiv t t
BC

d Q
d n C t

dt R T

−

=

 
=   − 

 
 (125) 

Here, 
pre

TGOd  is the pre-oxide TGO thickness, varying from 1.3μm to 7.7μm as described in section 

A.1.1. 
TGO

equivt  is the equivalent TGO growth time. Due to discrepancies between the elevated 

temperatures applied in isothermal preheat treatment and high temperature holding time thermal cycling 

conditions, it is necessary to obtain the equivalent TGO growth time 
TGO

equivt  to bridge the two separate 

oxidation processes. By applying a similar method as used to obtain 
t

equiv

sint , the initial equivalent TGO 

growth time 
i

equivt  are calculated to about 0.36, 3.72, 13.07, 31.64, 82.44, 154.71 hours for isothermal 

furnace cycling test at 1120℃ corresponding to 0, 20, 50, 105, 225, 350 hours further isothermal preheat 

treatment at 1080℃ with 1.3, 2.7, 3.9, 5, 6.5, 7.7μm pre-oxide thickness, Table 17. 

 

 Table 17 Equivalent initial TGO growth time for isothermal furnace cycling test 

No 

Preheat 

treatment time 

consumed 
PRE

TGOt

①
 (hrs) 

Pre-oxide 

thickness e

TGO

Prd

①
 (μm) 

Equivalent 

initial TGO 

growth time 

i

equivt ②
 (hrs) 

Calculated TGO 

thickness at 

failure life cycle 

(μm) 
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1 0 1.3 0.3656 6.21 

2 20 2.7 3.7244 5.78 

3 50 3.9 13.0667 5.49 

4 105 5 31.6442 5.86 

5 225 6.5 82.4361 6.62 

6 350 7.7 154.7067 7.7 

① The preheat treatment was conducted under isothermal heating at 1080℃ 

② The equivalent initial TGO growth time is calculated based on isothermal furnace cycling test where 

peak temperature during high temperature holding time is at 1120℃ 

The role of the TGO layer (considered to inhibit the further oxidation of BC layer) is evaluated by 

i

equivt  in equation (124)-(125). The thicker the pre-oxide TGO layer, the longer the equivalent TGO 

growth time 
i

equivt , corresponding to lower TGO growth rate as 
cycle

TGOn  in equation (125) is smaller 

than unity. The calculated 
i

equivt  is used as the initial time considering oxidation for actual isothermal 

furnace cycling tests, where the TGO thickness versus time is shown in Figure 110(b). 
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Figure 110 (a) Calculate TGO thickness using experimental data in [185] for parameter fitting (b) 

calculated TGO thickness for isothermal furnace cycling test with elevated temperature at 1120oC 

 

However, for the burner cycling test, there exists a large temperature gradient during high 

temperature holding time, where the temperature calculated at the BC/TGO interface is approximately 

935℃. Nevertheless, the relative short holding time (50s) further inhibits the growth of the TGO layer 

during the high temperature dwell period compared to that for the isothermal furnace test (26min). 
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Therefore, the calculated equivalent TGO growth time 
TGO

equivt  is about 313.4 hours for the burner cycling 

test with elevated temperature at 935℃, corresponding to isothermal preheat treatment at 1080℃ with 

initial 1.3μm pre-oxide thickness. The growth of the TGO layer at 935℃ makes the final TGO thickness 

around 1.72μm at the end of burner cycling test. For the rest of sets, the calculated equivalent TGO 

growth time 
TGO

equivt  are unrealistic high, which makes the TGO growth rate in equation (125) 

neglectable. This leads the calculated final TGO thickness to be essentially identical to the initial pre-

oxide thickness. Considering the description above, the neglectable TGO growth under burner cycling 

test can be explained by the following: 

1) The backside cooling applied on the BC/substrate surface decreases the temperature on 

the surface of the BC up to 935oC during high temperature dwell time, which effectively inhibits 

the growth of the TGO layer compared to the isothermal furnace test (1120oC uniformly throughout 

TBCs). 

2) The relatively short dwell time (50s) further inhibits the growth of the TGO layer 

compared to the isothermal furnace test (24min). 

3) Most importantly, the pre-oxide layer formed during preheat treatment at higher 

temperature (1080oC) effectively inhibits the further growth of the TGO layer under the burner 

cycling test. Except for the specimen with 1.3μm oxide thickness, the TGO layers for the rest of the 

specimens are too thick to facilitate the growth of the TGO layer with the lower temperatures and 

less holding time of burner cycling tests. 

The calculated results are in good agreement with experimental results [185] where limited TGO 

growth was found for all group sets under burner cycling tests.  
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(c) Variation of TC elastic modulus under thermal cycling experiments 

 

The method describing the variation of TC elastic modulus during thermal cycling conditions [241] is 

adapted and used in the present work. That is, for the APS-TBCs of isotropic material for TBCs, there 

are three factors required to describe the temperature-position-process-dependent TC elastic modulus 

under burner cycling test. These are i) the elastic modulus which varies as a function of temperature 

during heating and cooling periods, ii) the increase of modulus due to the sintering effect during high 

temperature holding time, iii) the variation of i) and ii) considering the position-dependent temperature 

profile throughout the TC thickness. The temperature-dependent elastic modulus of TC is given by [147] 

and formulated and fitted by  

 

 ( ) ( )exp
TC y f

TC TC TCy

T
E T E t



 
= − + 

 
 

 (126) 

where   and   are fitting parameters, ( )f

TCE t  is the process-dependent modulus of the TC 

estimated from isothermal sintering at the end of high-temperature thermal cycles using equation (123) 

where the equivalent sintering time 
t

equiv

sint  is substituted as starting time to calculate ( )TCE t .  

The elastic modulus of TC ( ),TC TC y
E T t  calculated from equation (123) and equation (126) as 

a function of time and position is shown in Figure 111(a)(b). With the existence of the thermal gradient, 

there are large discrepancies for elastic modulus measured at different positions. That is, higher elastic 

modulus is calculated close to the TC/TGO interface due to the lower temperature during high 

temperature dwell time at initial stage of thermal cycling experiments, Figure 111(a). Nevertheless, 

there is an obvious sintering effect which leads to a dramatically increase of elastic modulus at surface 

of TC, Figure 111(b). This might be explained by the thermal gradient that exists throughout the 
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thickness of the TC layer, where the surface of the TC material experiences higher temperatures than 

close to the TC/TGO interface, Figure 111(b).  

 

 

 

Figure 111 The elastic modulus of TC calculated at different positions with pre-oxide thickness of 1.3μm 

(a) for first three cycles (b) during high temperature dwell period 
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The same equations are used to calculate the elastic modulus of the TC based on the isothermal 

furnace cycling test. Since thermal cycling loading is applied uniformly throughout the TBCs, the effect 

of a thermal gradient is eliminated. With the longer high temperature holding time, the effect of sintering 

is more evident for specimens with short-time preheat treatment history (black curve), Figure 112. 

 

 

Figure 112 The elastic modulus of TC calculated at different positions with different pre-oxide thickness 

under isothermal furnace test (a) for first three cycles (b) during high temperature dwell period 
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(d) Other temperature-dependent thermal and mechanical properties of APS-TBCs 

 

Except for the aforementioned temperature-process dependent model parameters, the temperature-

dependent model parameters used in the current study are fitted based on experimental data provided 

in [147]. The elastic modulus of TGO and BC are described by equation (127)-(128) as 

( ) ( ) = -26.91925 exp( /786.82282) + 426.29843TGO BC BCE T T GPa  (127) 

 ( ) ( ) = -49.52802 exp( /1215.93266) + 262.72012BC BC BCE T T GPa (128) 

The elastic modulus TGOE  of TGO involved in the calculations of ERR correlate to crack 

generation as a consequence of dilatational expansion due to TGO growth, accompanied with phase 

transformation strain. The elastic modulus BCE  of the BC is used to calculate ERR correlated to 

thermal gradient during high temperature holding time under burner cycling test, where the first 

Dundur’s elastic mismatch parameter is expressed by [128] 

 

 
( ) ( )

( ) ( )

,

,

TC TC BC BCy

D

TC TC BC BCy

E T t E T

E T t E T


−
=

+
 (129) 

Here, the plain strain modulus of the TC and BC are described by ( )
( ),

,
1

TC TC y

TC TC y
TC

E T t
E T t


=

−
and 

( )
1

BC BC

BC

BC

E T
E


=

−
, respectively. ( ),TC TC y

E T t is the temperature-process-position dependent TC 

elastic modulus, Figure 111. The coefficients of thermal expansion (CTE) for all three layers are 

described by equation (130)-(132) [147] as  
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 ( ) ( )4 6(4.04124 10 9.56961) 110
TC

y

TC TCy
T T K − −=   +   (130) 

 ( ) ( )3 6(1.32 10 7.58748) 10 1
TGO CC BB KTT − −=   +   (131) 

 ( ) ( )3 6(5.06 10 70 ) 11 .796 9 10
BC BCBCT KT − −=   +   (132) 

The CTE for the three layers are used to calculate the thermal stresses generated as a consequence 

of CTE mismatch upon cooling, where the yield strength of the TC is involved. This accounts for the 

inelastic behavior of the TC material, considering that creep behavior is no longer effective at low 

temperature. The yield strength for bulk 7YSZ is illustrated in Figure 113 [239].  

 

Figure 113 Yield strength of bulk 7YSZ material [239] 

Considering the porosity of TC in TBCs, it is expected that the porosity decreases as the sintering 

effect proceeds at elevated temperature, which in turn, strengthens the TC material and increases the 

yield strength of TC. The effect of sintering is incorporated into the expression of yield strength of TC 

by 
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( )

( )0

,TC TC y

Y Y TC Yy
TC

E T t
k T

K
 =  +  (133) 

where TCK  is the bulk modulus of 7YSZ TC, Yk and 0Y  is a fitting parameter.  

 

Figure 114 The calculated yield strength of 7YSZ TC as function of thermal cycling time 

 

A.1.3. Characteristics of parameters affected by geometry of APS-TBCs 

 

The development of cracks under isothermal high temperature loading was experimentally measured 

and elaborated in [131]. It was pointed out that the ratio of crack length over TC thickness might be 

directly correlated to the ERR generated as a consequence of the thermal gradient developing at holding 

time [128]. The development of delamination cracks in APS-TBCs can be separated into two phases 

[131], namely incubation and propagation phases. The growth of microcracks is relatively stable during 

the incubation phase and the crack length b is described as a function of TGO thickness and interfacial 

geometrical parameters as 
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41

2

TGO
stable

d
b W

A
=   (134) 

With the increase of TGO thickness, the damage mechanism changes from microscopic cracks 

propagation and coalescences to meso-macroscopic cracks, where there exists a large increase of 

maximum crack length. According to the statistical analysis [185], this is accompanied by a decrease 

of number of cracks identified within the TC of TBCs. The transition of crack path from the ceramic 

YSZ layer to the interface between TC/TGO leads to the uncontrolled rapid crack propagation, where 

the critical TGO thickness was identified to be within 5-6μm [185]. We take 5.5μm as the critical TGO 

thickness and use equation (135) to describe the crack length b as a function of high temperature 

exposure time for crack propagation phase as 

 exp
high

prop crack crack

crack

t
b A y

Q

 
= − + 

 
 (135) 

Here, 16071.65crackA = , -7140.27crackQ = , -22155cracky =  are temperature dependent crack 

growth parameters and hight  is the high temperature exposure time. The process-dependent isothermal 

crack length for the burner cycling test is calculated using equations (134)-(135) and illustrated in 

Figure 115 with different pre-oxide TGO thicknesses. The horizontal coordinate indicates time, 

including both isothermal preheat treatment and thermal cycling test. As described in the proceeding 

sections, for the burner cycling test, the growth of the TGO layer occurs mainly within the preheat 

treatment, where limited oxide is formed during thermal cycling experiments due to the low temperature 

at the BC surface and short duration of high temperature holding time. Therefore, except when pre-

oxide TGO thickness equals 1.3μm, there is no delamination crack growth for the experimental set 

where the pre-oxide TGO layer is thinner than the critical TGO thickness, Figure 115(a).  
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Figure 115 The process-dependent isothermal crack length as a function of time (a) Pre-oxide TGO 

thickness less than critical TGO thickness (5.5μm) (b) Pre-oxide TGO thickness more than critical TGO 

thickness (5.5μm) 

 



296 

 

For the pre-oxide layer thicker than critical TGO thickness, the propagation of a delamination crack 

becomes independent of TGO growth and follows linear elastic fracture mechanics, Figure 115(b). The 

crack growth rate for pre-oxide TGO thickness of 1.3μm is much slower than for the rest of the sets. 

This can be explained by the TGO growth rate for the burner cycling test being evidently lower than 

for the preheat treatment, since a lower BC surface temperature is applied due to the thermal gradient. 

This limits the TGO growth rate and results in a lower crack growth rate compared to the rest of the 

sets.   

 

A.2. Analytical models for evaluating the energy release rate under different thermal 

cycling experiments 

 

A.2.1. Analytical models for TGO ERR generated due to TGO growth  

 

As described in sections A.1.1 and A.1.2, all specimens experience isothermal preheat treatment at 

elevated temperature, with various periods to produce pre-oxide TGO of different thickness. These 

specimens are then designed to undergo either isothermal furnace cycling testing or burner cycling 

testing. The progressive oxidation of the BC is generally considered to have two effects on the durability 

of TBCs. On one hand, the pre-oxide layer, specifically the preferred dense, continuous α-alumina layer, 

is relatively impermeable to oxygen, which retards the further oxidation of metallic BC [135]. On the 

other hand, the growth of TGO layer leads to the dilatational strain generated as a consequence of phase 

transformation from β-NiAl to γ-Ni or γ’-Ni3Al with α-Al2O3. The strains generated during TGO growth 

are unable to be fully accommodated by the limited inelastic behavior (creep) of the TGO itself, which 

triggers the nucleation of internal cracks and facilitates the propagation of cracks at neighboring TC 

layers. Therefore, to evaluate the crack driving force and the TGO growth stress generated due to BC 
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oxidation, it is necessary to calculate the volume of total TGO thickness and rate of TGO growth, as 

well as the accompanying volumetric strain due to phase transformation. The growth of the TGO layer 

under thermal cycling loading is deliberately described using an incremental form, which precisely 

estimates the accumulated TGO thickness under the temperature fluctuations of thermal cycling 

conditions. The normalized fraction of oxidizing phase which has chemically reacted with oxygen is 

defined as ( )f t  and is given by 

 

 ( ) TGO

max

TGO

d
f t

d
=  (136) 

The value of ( )f t  varies from 0, before oxidation begins, to 1 when primary oxidation is 

complete [132] and the TGO growth rate is evaluated through the first derivative of equation (136). 

The evaluation of volumetric strain generated due to phase transformation involves the analysis of the 

chemical reaction of progressive oxidation of the aforementioned MCrAlY BC system. The phase 

transformation from β-NiAl to γ-Ni or γ’-Ni3Al with α-Al2O3 is described by 

 

 
2 2 3

2 1 1 2

3 2 3 3
NiAl O Al O Ni+ → +  (137) 

The Pilling-Bedworth ratio   is introduced to quantitatively estimate the true mean volumetric 

strain 
T

Ve  from phase transformation described by equation(138)-(139) as 

 

 2 3

0

2

2

Al O Ni

NiAl

V

V

 + 
 = =


 (138) 

 
1

ln
3

T

Ve =   (139) 
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Here, i  represents the atomic volumes in equation (138) found in [135], which in turn yields 

0.122T

Ve  . With the first derivative of equation (136) and equation (139), the non-recoverable 

deformation rate ( )TGO t  induced by the oxidation of metallic phases can be calculated through 

equation (140) [132] as 

 ( ) ( )2

ini T

TGO V

S
t f f t P e

S


 
= + 

 
1  (140) 

Here, 2

inif  is the initial volume fraction of metallic phase β-NiAl, which has not been oxidized, where 

2 0.526inif   according to [135]. S  and S   are the norm and deviatoric components of the 

aggregate stress tensor, respectively. P is a coefficient depending on the shape of the oxide particles. It 

is considered that isotropic volumetric expansion occurs during phase transformation for APS-TBCs 

and gives P=0 for the current study. Therefore, the stress generated due to TGO growth is simplified 

into a scalar and described by equation (141) where ( )TGO t  is obtained by integrating the equation 

(140) with respect to time from 

 

 ( )
( ) ( )

,
1

TGO BC TGO

TGO BC

TGO

E T t
T t







=

−
 (141) 

where ( )TGO BCE T  and TGO  are temperature-dependent elastic modulus and Poisson’s ratio of the 

TGO layer. Similar to the form of the crack driving force due to CTE mismatch, the ERR for crack 

triggered by TGO growth stress is described as [131] 

 

 
( )

( )
( )

2

2 2
1

,
2  

TGOGR

TGO TGO BC TGO

TGO BC

G T t d Y
E T




−
=     (142) 
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As mentioned in the section A.1.2, there exists a large discrepancy between the TGO growth 

behavior under two types of thermal cycling tests. The growth of TGO layer under burner cycling test 

is limited due to moderate temperatures at the surface of the BC and inadequate elevated exposure time. 

For the isothermal cycling test, the growth of the TGO layer is more evident for the specimens with a 

thinner pre-oxide TGO layer.  

 

A.2.2. Analytical models for TC ERR generated due to thermal gradient  

 

The introduction of back side cooling during the high temperature holding time and rapid 

heating/cooling process leads to a large thermal gradient under burner cycling testing. This temperature 

difference within the TC between the surface and positions close to the interface of the TC/TGO is a 

critical factor for the formation of cracks. Cracks may form in different ways. For example, an isolated 

crack can form and propagate parallel to the interface. Alternatively, the crack is connected to the free 

edges of the TC [128], Figure 75. 

 

The methods to calculate the ERR depend on the thermal gradient developed either during high 

temperature holding time or upon rapid cooling. Two different analytical methods are demonstrated in 

the following sections. 
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(a) The ERR generated due to thermal gradient developed at high temperature holding time 

 

The analytical solutions to calculate the crack driving force due to the high heat flux developed for 

isothermal high temperature environment can be found in [128]. As shown in Figure 75, two possible 

crack routes are given and corresponding ERR are proposed.  

For an isolated interface crack developed within the TC parallel to the interface, Figure 75, the 

thermal gradient is assumed between the upper and lower faces. The crack is insulated where this 

temperature difference facilitates crack propagation and might further lead to the spallation of the TC. 

A moment 
_

0 _

TH GR

TC insulM  and force 
_

0 _

TH GR

TC insulF  are imposed on the spalled TC to fit the gap, these are 

given by [128] 

 

( ) ( )

( ) ( )

_

0 _

_ 2

0 _

1
,

2

1
,

12

TC TC interface

TC TC interface

TH GR

TC insul TC TC TCy y

TH GR

TC insul TC TC TCy y

F E T t T T H

M E T t T T H





= 

= − 

 (143) 

where 
TC interface

T  is the difference between the temperature measured at a position within the TC, 

TC y
T , and the temperature measured at the interface, BCT . By restoring the edge of the spalled TC to 

the remaining section of the TBCs and imposing the continuity of moment, force, displacement and 

rotation, the analytical final moment 
_

_

TH GR

TC insulM  and force 
_

_

TH GR

TC insulF  can be obtained from [128] 

 

 

( )( ) ( )

( )( ) ( )

_ _

22 0 _ 12 0 __

_

_ _ _

_ 11 0 _ 12 0 _

12 12

12

TH GR TH GR

TC insul TC insulTH GR

TC insul

TH GR TH GR TH GR

TC insul TC insul TC insul

b H a b H F b H a M H
F

M b H a b H M H b H a F

H

+ −
=



+ −
=



 (144) 
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Here, ( )( ) 2

11 22 1212a b H a b H a= + + − . The value of compliance coefficient ija  depends on the 

ratio of the TC crack length over TC thickness 
b

H
 and first Dundurs’ elastic mismatch parameters, 

equation (129) tabulated in [205]. It is evident that the sintering effect of the TC plays a significant 

role in determining the calculated compliance coefficients ija  for the current study, as can be seen for 

11a  calculated for different sintering periods and pre-oxide thickness, Figure 116. In Figure 116, the 

effect of crack length on compliance coefficients is shown for specimens with pre-oxide thickness of 

6.5, 7.3 and 7.7μm. These groups of specimens are considered to undergo rapid crack propagation 

(specimens where pre-oxide thickness is larger than the critical TGO thickness), which is further 

reflected by an increase of 11a  in Figure 116. 

 

Figure 116 the calculated compliance coefficient a11 as function of thermal cycles for different pre-oxide 

thickness 
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Except for constant value of 12 21= =1.7a a  [205], the average value for 11a  and 22a are 

presented in Figure 117 as a function of pre-oxide thickness. 

 

 

Figure 117 Calculated average aij as function of pre-oxide thickness (a) a11 (b) a22 

 

Accordingly, the stress intensity factors for mode I and mode II are given by 
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_ _ 3 2

21 _ 22 _

_ _ 3 2

11 _ 12 _

2 3

2 3

ISOTHEM TH GR TH GR

I TC insul TC insul

ISOTHEM TH GR TH GR

II TC insul TC insul

K c F H c M H

K c F H c M H

= +

= +
 (145) 

Similar to the compliance coefficient ija , the stress intensity coefficients ijc  also depends on the 

ratio of TC crack length to TC thickness 
b

H
 and first Dundurs’ elastic mismatch parameters tabulated 

in [205]. Similar to Figure 116 and Figure 117, the calculated 12c  as a function of cycle numbers, as 

well as average value for ijc  as a function of pre-oxide thickness are illustrated in Figure 118 and 

Figure 119. 

 

Figure 118 the calculated compliance coefficient c12 as function of thermal cycles for different pre-oxide 

thickness 
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Figure 119 Calculated average cij as function of pre-oxide thickness (a) c11 (b) c12 (c) c21 (d) c22 

 

The corresponding ERR and mode mixture for an isolated interface crack developed under 

isothermal heat flux environment is described by [128] 
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 ( ) ( )
( ) ( )

2 2
_

1

1 1 1

2 ,

tan

ISOTHEM insulated ISOTHEM ISOTHEM

TC I II

BC BCTC TC y

ISOTHEM

II

ISOTHEM

I

G K K
E TE T t

K

K
 −

 
  = + +
    

 

 
=  

 

(146) 

For the crack connecting to the free edge of the TC, there are two factors to be considered including 

i) the effect of thermal gradient that induces the bending moment into the TBCs and ii) heating of the 

TBC above the stress-free temperature depT , which induces a CTE mismatch between TC and BC 

during high temperature holding time, resulting in residual compression within the TC. Corresponding 

analytical expressions are given to describe the stress as a consequence CTE mismatch 
_

_

TH GR

TC edge  and 

thermal gradient 
_

_

TH GR

TC edge developed within TC [128], as  

 

 ( ) ( )( )_

_ ,
TC

TH GR

TC edge TC TC TC TC TCy y y surf
E T t T T T  = −  (147) 

( ) ( )( ) ( )_

_ 2 ,
2BC TC

TC TCy surfTH GR

TC edge TC TC BC BC dep TC depy y

T T
E T t T T T T T  

  +  
= − − −   

   

 (148) 

where 
TC surf

T  is the TC surface temperature. The corresponding steady-state ERR for an edge 

delamination crack developed under isothermal heat flux is described by 

 

 
( )

( )
( )

( )

2 2
_ _

_ __

2 , 24 ,

TH GR TH GR

TC edge TC edgeISOTHEM edge

TC

TC TC TC TCy y

H H
G

E T t E T t

 
= +  (149) 
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(b) The ERR generated due to thermal gradient developed upon cooling 

 

Analytical solutions have been proposed to calculate the crack driving force due to the thermal gradient 

generated from rapid temperature change upon cooling [144]. Similar to the method described in the 

isothermal case, an in-plane stress ( )_

_

TH GR

TC Cool y  is assumed at a given depth within the uncracked 

coating, where the corresponding unit force 
_

_

TH GR

TC CoolP  (force/length) and unit moment 
_

_

TH GR

TC CoolM  

(moment/length) are given by [144] 

 

 
( )

( )( )

0
_ _

_ _

0
_ _

_ _

TH GR TH GR

TC Cool TC Cool
d

TH GR TH GR

TC Cool TC Cool
d

P y dy

M y D y dy





−

−

=

= +




 (150) 

Here, d is the crack depth and D is the location of the neutral bending axis, Figure 120. 

 

Figure 120 A schematic of the tri-layer coating system identifying the parameters used 
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in the analysis 

 

Considering the entire TC is affected by the sintering effect, Evans et al [144] suggested that there 

is linear distribution for residual stress within the TC layer. The form of in-plane stress can be expressed 

by [144] 

 

 ( )_ _ _

_ _ 0 _ 1 2TH GR TH GR TH GR

TC Cool TC Cool TC Cool

y
y

H
  

 
= + + 

 
 (151) 

where  

 
( ) ( ) ( ) ( )

( ) ( ) ( )

_

_

_

0 _

, 0.5 1

, 2 1

TC

TC

TH GR

TC Cool TC TC TC TCy y surf interf

TH GR

TC Cool TC TC TC TCy y surf interf

E T t T T

E T t T T

  

  

=  − −

=  −

 (152) 

The temperature 
surf interf

T is given by 
surf interf surf interf

T T T =  − , which indicates the 

instantaneous difference between temperature drop at the surface 
surf

T and at the TC/BC interface 

interf
T , provided the temperatures from the BC and TGO layer are identical. The dimensionless ratio 

of mismatch strains   is described through [144] 

 
( ) ( )

( )
TC

TC

BC BC TC y interf

TC y surf interf

T T T

T T

 



 − 
 

 =


 (153) 

Substituting equation (151)-(153) into equation (150), the unit force and unit moment can be re-

written as 
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( )

( )

_ _ _ _ 2

_ _ 0 _ 0 _

_ _ 3

_ 0 _ 6

TH GR TH GR TH GR TH GR

TC Cool TC Cool TC Cool TC Cool

TH GR TH GR

TC Cool TC Cool

P d d H

M d H

  



= + −

=
 (154) 

The expressions for crack driving forces were proposed by Evans et al [144], depending on the 

position where the crack was identified. The mix mode ERR _

Y

interf

TEMPVAR

TCG  and mode mixture _

Y

interf

TEMPVAR

TC  

are determined when the crack is close to the interface, d H in Figure 120 as 

 

 

( )
( ) ( )

2 2
_ _

_ _ 0 _3
6 ,

TEMPVARY TH GR TH GR

TC interf TC Cool TC Cool

TC TC y

H
G

E T t
  = +

  
 (155) 

or 
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1 3 3
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 (156) 
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 (157) 

For plane strain conditions, the ω=52.1o. 

For cracks located above the interface d H  in Figure 120, the mode I _ _

TEMPVARY

I TC aboveK  stress 

intensity factor and ERR _ _

TEMPVARY

I TC aboveG  are described by 

 

_

_

_ _
2cos

TH GR

TC CoolTEMPVARY

I TC above

P d
K


=  (158) 
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The crack driving force 
TEMPVARY

TCG  is determined using different equations depending on whether 

the crack nucleated at the interface _

Y

interf

TEMPVAR

TCG  or above the interface _ _

TEMPVARY

I TC aboveG .  

 

A.2.3. Analytical models for TC ERR generated due to Thermal shock 

 

Due to the rapid heating/cooling process under burner cycling test, the effect of thermal shock on the 

nucleation of a delamination crack should be considered and included into the total ERR. The cracking 

driving force for thermal shock with thermal gradient was evaluated by Fleck et al [145]. The elastic 

thermal strain is generated due to CTE mismatch upon heating and cooling, where the in-plane residual 

stress calculated at a given position 0y y=  for a flat interface is described by 

 

 
( )

0

_
,

1

gradientTC TC yTH SH TC

TC CTE

TC
y y

E T t
 

 =
= 

−
 (160) 

Similar to the abovementioned methods in section A.2.2, the corresponding unit force 
_TH SH

TCP  

and unit moment 
_TH SH

TCM  for thermal shock are obtained by substituting equation (160) into 

equation (150). Neglecting the effect of the first and second Dundurs’ elastic mismatch parameters for 

simplicity, the stress intensity factors for mode I and mode II are obtained by equation (161) which 

has a similar form to equation (145), [145]. 
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 (161) 

Here, dimensionless units Â  and Î  are used to characterize the equivalent area and moment of 

inertia of the TC materials. For isotropic APS TC with homogeneous temperature distribution, ˆ 1A =  

and 
1ˆ

12
I =  are assumed for rectangular 2D TBCs. 

 

Nevertheless, due to the existence of a thermal gradient and sintering effect, the value of Â  and 

Î  vary as function of ( ),TC TC y
E T t , which depends on the sintering time and temperature at different 

calculated depth, as described by equation (162)-(163) 

 

 
( )
( )

0 ,
ˆ

,

TC TC y

H

TC T interfC

E T t dy
A

HE T t−
=   (162) 
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( )

( )
0 2

3

,1ˆ

,

TC TC y

H

TC T terfC in

E T t
I y D dy

H E T t−
= −  (163) 

The value of Â  and Î  are calculated upon heating/cooling as functions of time and described 

in Figure 121 together with the value for homogeneous TC materials. 
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Figure 121 The dimensionless quantity that used as parameters characterizing the inhomogeneity in TC as 

function of time: for Â  upon (a) heating (b) cooling and for Î  upon (c) heating (d) cooling 

The abovementioned location of the neutral bending axis D is given by 

 

 
( )
( )

0 ,

ˆ ,

TC TC y

H

TC T interfC

E T tH y dy
D

H HA E T t−
=   (164) 
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The mode I and mode II stress intensity factors are used to calculate the mix mode ERR and mode 

mixture for thermal shock developed under burner cycling test, described by 

 

 

( )
( ) ( )

2
2 2

_ _ _

_ _

1

,

TH SH TH SH TH SHTC
TC I TC II TC

TC TC y

G K K
E T t

−  = +
  

 (165) 
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Appendix B - Supporting document for journal paper 4 in chapter 6 

 

B.1. Parameters 0 , , ,n    characterizing the erosion behavior of EB-PVD TC 

 

In the present section, parameters 0 , , ,n    characterizing the erosion behavior of EB-PVD TC are 

determined through the method described in [229] using the experimentally measured erosion rates with 

respect to different temperatures [224], [230] tabulated in Table 18. 

Table 18 The experimentally measured erosion rate of EB-PVD TBCs [224], [230] 

Temperature 

(℃) 

Impact 

velocity(m/s) 
Erodent 

Impact 

angles (°) 

Erosion rates 

(g/kg) 

Room 

Temperature 

(RT) 

170 60μm SiO2 

30 9.58 

60 15.44 

75 17.39 

90 18.3 

540℃ 122 
40μm 

Al2O3 

15 2.06 

20 3.98 
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25 5.09 

36 7.62 

53 10.76 

83 14.33 

90 14.7 

910℃ 300 60μm SiO2 

30 27 

45 25.2 

60 16.7 

75 8.9 

90 5.4 
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B.1.1. Erosion curves and parameters characterizing the erosion behavior of EB-PVD TC at 

RT and 540℃ 

 

Typically, a brittle erosion is found according to erosion data measured for EB-PVD TC with silica 

erodent at RT and with alumina erodent at 540℃, where the maximum erosion rate is identified at an 

impact angle of 90°. The procedure to estimate the parameters characterizing the erosion behavior of 

brittle material is used and described in following steps. 

(1) Considering the negligible critical impact velocity K for brittle material (see section B.2), the 

deformation wear kinetic energy   can be estimated using equation (166) with the 

experimentally measured erosion rate at 90° 
90otW

=
and accumulated impact mass M as well as 

impact velocity V. 

 

2

90

1

2

ot

MV

W



=

=  (166) 

(2) Once the   is determined, the deformation wear ( )dW   can be estimated at different angles 

using equation (167). The corresponding cutting wear ( )tW   can be calculated by subtracting 

the deformation wear ( )dW   from experimentally measured total erosion rate ( )cW   using 

equation (168).  

 ( )
( )

21
sin

2
d

M V

W





=  (167) 

 ( ) ( ) ( )c t dW W W  = −   (168) 

(3) The maximum cutting wear therefore can be identified at specific maximum angle of cutting wear 
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maxc , from which the erosion parameter n  can be estimated by solving equation (169). The 

critical angle 0  is calculated by substituting n  into equation (94). 

 
max

max

max

cos
sin 0

2 tan

c
c

c

nn
n

n





− =  (169) 

(4) For brittle erosion, there is no “turning point” at which maximum erosion rate is found at specific 

impact angle. According to [229], the cutting wear kinetic energy ϕ is evaluated based on the 

comparison between angle giving half the erosion experienced at 90° ( 1

2

 ) and the critical angle 

0 , equation (170) 
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  
  
   
  − 
  
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 
 
  
  −   

 (170) 

Substituting the experimentally measured erosion rates from RT and 540℃ into equation (166)-

(170), parameters characterizing the erosion behavior of EB-PVD TC are identified and tabulated in 

Table 19. The erosion rates are calculated as function of impact angles and illustrated in Figure 122-

Figure 123, together with experimentally measured erosion rates. 
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Figure 122 the calculated erosion rate of EB-PVD TC under impact of silica particles at RT 

temperature 

 

Figure 123 the calculated erosion rate of EB-PVD TC under impact of alumina particles at 540℃ 
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B.1.2. Erosion curves and parameters characterizing the erosion behavior of EB-PVD TC at 

910℃ 

 

Ductile erosion is found for EB-PVD TC with silica erodent at 910℃, where the maximum erosion rate 

(estimated at turning point) is identified at impact angle of max 30 =  . The method to evaluate the 

parameters characterizing the erosion behavior are identical to step (1)-(3) in section B.1.1 except for 

the cutting wear kinetic energy ϕ that is estimated by equation (171), 

 max
max

max

cos
sin

2 tan

nn
n

n


  



 
=  − 

 
 (171) 

However, due to the limited experimental data (none of erosion data provided for max  ), it is 

impossible to identify the maximum angle of cutting wear maxc  following the regular sequence of 

steps from (1)-(4). In the present study, assuming the a part of experimentally measured erosion data 

falls into a range of 0  , cutting wear kinetic energy ϕ is obtained by fitting experimentally 

measured total erosion rates into expression 1B in equation (93) considering the deformation wear 

kinetic energy ε can be estimated following step(1)-(2) in section B.1.1, Figure 124.  
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Figure 124 the experimentally measured erosion rates at 910℃ with fitting curve used to obtain 

the cutting wear kinetic energy ϕ 

Therefore, the parameter n is obtained by substituting   and solving equation (171) whereas 0  

is estimated by equation (94). The maximum angle of cutting wear can be estimated by substituting n 

into equation (169) ( max 28.82o

c   for erosion curve at 910℃). Parameters characterizing the 

erosion behavior of EB-PVD TC at 910℃ are tabulated in Table 19. The erosion rates are calculated as 

function of impact angles and illustrated in Figure 125, together with experimentally measured erosion 

rates. 
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Figure 125 the calculated erosion rate of EB-PVD TC under impact of silica particles at 910℃ 

 

Table 19 Parameters characterizing the erosion behavior of EB-PVD TC at different temperatures 

Temperatures 

(℃) 

Impact 

velocity 

(m/s) 

Erodent 

cutting 

wear 

kinetic 

energy ϕ 

(m2/s2) 

deformation 

wear 

kinetic 

energy ε 

(m2/s2) 

n 

0   

(°) 

20 170 60μm SiO2 
62.05 10  57.90 10  3.982  22.60  

540 122 

40μm 

Al2O3 

62.21 10  55.06 10  2.841  31.68  
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910 300 60μm SiO2 
61.17 10  68.33 10  2.202  40.87  

 

 

B.2. Determining the critical velocity and the effect of sintering of TC on the kinetic 

energies 

 

In the present section, the effect of critical velocity on the deformation wear kinetic energy is evaluated. 

The critical impact velocity K is evaluated by substituting the temperature-dependent yield strength and 

the out-of-plane elastic modulus into equation (100) and the results are illustrated in Figure 126. 
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Figure 126 The calculated critical impact velocity of EB-PVD TC (a) as function of time for three 

cycles (b) as function of number of cycles 

It is evident that the value of critical impact velocity is much less than the impact velocity applied 

for present study at either RT (170m/s) or 910℃ (300m/s). This indicates that the contribution of 

deformation wear generated from vertical impact of erodent can’t be neglected throughout the thermal 

cycles. For simplification, the critical impact velocity is neglected from analytical expression of 

deformation wear kinetic energy in equation (105). 

In the present section, the effect of sintering of TC on the kinetic energies are evaluated.  

Hutchinson et at [128] proposed an analytical model that is used to evaluate the energy release rate 

generated due to the sintering cracks as top surface of coating is at a sufficiently high temperature. The 

sintering crack propagate perpendicular to the surface of TC (within columns) initially. The crack could 

reorient into a delamination at depth a when the sintering stress s , developed over a depth H, is 

sufficiently large. The schematic diagram of development of sintering crack is illustrated in Figure 127. 

The expression of sintering energy release rate sintG  is given by [128] 
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−        
= −       

       
 (172) 

where TCE  is TC effective elastic modulus. In equation (172), a defines the depth of crack developing 

from the surface of TC to the position where the crack reorient into delamination crack that propagate 

laterally. In other words, the length of sintering cracks determines the position of potential damage 

which might be exerted by external erosion process.  

 

Figure 127 the schematic diagram of sintering crack developed within TC [128] 

The cutting wear and deformation wear kinetic energy indicate the erosion resistance of TC layer. 

Therefore, it is assumed that temperature-time-dependent behavior can be described by incorporating a 

function inversely proportional to sintering crack length generated during high temperature dwell time, 

equation (119). 

The abovementioned parameter H in equation (172) indicates the depth of sintering stress 

generated within TC layer. In the present study, the value of H is assumed to be the maximum depth of 



326 

 

penetration maxZ  that is able to be reached and eroded for spherical particles, equation (101). The 

sintering stress is given by [140], 

 
2

s

pr


 =  (173) 

where   is the surface free energy per unit area given by [243],  

 
31.927 0.428 10 T = −   (174) 

  is a constant during sintering crack growth during high temperature dwell time. pr  in equation 

(173) is the mean pore radius given by [140], 
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1 3

1 6
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p

L
r

−  =  (175) 

L  is the average size of isotropic grains composing YSZ columns given by [139], 
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
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−  
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 (176) 

where 
3

0 2 10L m s−=  , 192Q kJ mol= , 8.314R = , 5 = [139]. The average grain size L  as 

function of time can be solved by four-order Runge-Kutta method. It is assumed that the propagation 

of crack within TC occurs as the energy release rate reaches the critical through-thickness fracture 

toughness which is given by [81] and modified into equation (177).  
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1 expsint crit

a
G G

Z
  
    

= − −   
    

 (177) 

where the value of fitting parameters 1 = , 0.9 = , 0.693 =  are determined by assumption in 

[81], 
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0

critG  is the theoretical through-thickness toughness of TC and given by value of 
21 /J m [187]. The 

calculated critical through-thickness fracture toughness is illustrated in Figure 128 as function of crack 

length a.  

 

Figure 128 Calculated critical through-thickness fracture toughness as function of crack length 

 The equation (172) could be rewritten as equation (179) in order to use the 4th Runge-Kutta 

method to derive the correlation between sintering crack length a to high temperature dwell time 

HIGHt , 

 ( )
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1max max max
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, 1.3 0.18 sinsint
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where 
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The sintering crack length a is obtained by integrating the equation (180) with respect to time and 

calculated results is illustrated in Figure 129 as function of high temperature dwell time HIGHt . 

 

Figure 129 Sintering crack length as function of high temperature dwell time 

The calculated crack length in Figure 129 indicates the depth of sintering crack reaches and position 

of plane where the crack reorientation occurs. It is evident that the crack length increases rapidly at 

beginning of dwell time. This can be explained by the significant sintering effect at early stage of high 

temperature dwell time, where elevated temperature at surface of TC leads to a high magnitude of 

sintering crack driving force that initiates the vertical crack propagating and reorienting at given crack 

length a. The crack growth rate decreases at later stage of high temperature dwell time. This corresponds 

to the decrease of sintering stress ( pr  increase in equation (173) results in decrease of s  in equation 

(172)) and increase of elastic modulus equation TCE  in equation (172) which generally lower the 

sintering crack driving force. This might also indicate that at later of dwell time, the erosion rates are 

higher due to the extend of sintering cracks at deeper positions within TC where the sintering cracks 

reorient. However, the erosion rate decreases as a function of sintering time. 
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B.3. Model validation 

 

In the present section, the validation of temperature-process-dependent erosion model is described. The 

calculated results are illustrated and compared with erosion rates measured experimentally. The model 

parameters   and    in equation (117) and equation (118) are fitted using erosion rate measured 

experimentally at RT and 910oC with impact velocity 170m/s and 300m/s, respectively. The sintering 

parameters ( )f a  and ( )g a  in equation (120) are fitted using erosion rate measured 

experimentally with different sintering temperatures and time [217], [219].  

 

B.3.1. Validation of temperature dependent erosion behavior 

 

To calibrate the temperature-dependent model parameters ( )T  and ( )T   in equation (117) 

and equation (118), the erosion rate is calculated by equation (93) at first cycle to minimize the effect 

of time-dependent sintering behavior on the estimated cutting wear and deformation wear kinetic energy. 

The temperature is selected ranging from RT-1400oC where parameters of erodent including impact 

angles, impact mass and impact velocity (170,300m/s) are designed and tabulated in Table 20 based on 

experimentally measured erosion rates [225]. 
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Table 20 Parameters used to calculate temperature-dependent fitting parameters 

No# of Cycle 

Temperatures 

(oC) 

Impact angles 

(o) 

Impact mass 

(kg) 

Impact velocity 

(m/s) 

Determined cycle 

number N: 1 

Determined T 

ranging from 

[RT, 1400] 

Determined α 

ranging from 

[5-90] 

Determined 

accumulated 

mass M=1 

Determined V: 

170,300 

 

Figure 130 illustrates the calculated erosion rates at first thermal cycle for different temperatures. 

Figure 130 (a) shows erosion rates measured experimentally at RT with impact velocity 170m/s, and 

Figure 130 (b) shows erosion rates at 910oC with impact velocity 300m/s. Figure 130 indicates that the 

erosion rate decreases as temperature increase for silica particle - EB-PVD TC erosion system, i.e., 

there exists a significant drop of erosion rate at large angles as temperature increase. This in turn 

corresponds to increase of deformation wear kinetic energy at elevated temperatures, Figure 98(d). The 

decrease of erosion rate at elevated temperatures is also experimentally measured in [231] for EB-PVD 

TC with silica particles. In addition, it is evident that apart from the erosion rates calculated at RT, the 

rest of erosion curves indicates that the coating might be eroded in a pseudo-ductile manner at 

intermediate to elevated temperatures. This is related to thermal property of silica erodent at elevated 

temperatures which softens, as mentioned above, at about 500oC [240]. The half-melted silica particles 

pull out the fractured columns at glancing angles, increasing the cutting wear and is attached to fractured 

column at high angles. This decreases the deformation wear at elevated temperatures, leading to a 

pseudo-ductile erosion curves calculated for most of temperatures in Figure 130.  
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Figure 130 Calculated erosion rates as function of impact angles at first thermal cycle for 

different temperatures with erosion rates measured experimentally [225] using (a) impact velocity 

170m/s (b) impact velocity 300m/s 
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In addition, the ratio of cutting wear (estimated by section (A) and (C) in equation (93)) over 

deformation wear (estimated by section (B) in equation (93)) is calculated and evaluated as function of 

different impinging angles for various of temperatures, Figure 131. 
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Figure 131 The calculated ratio of cutting wear over deformation wear as function of (a) different 

impinging angles (b) various of temperatures 

 

It is evident that the ratio drops dramatically as the calculated impinging angles increase from 0-

90o. This corresponds to the fact that the erosion is dominated by cutting wear at shallow angles with 

an increase of deformation wear as the impact angles increase, Figure 131(a). It should be noted that 

the ratio of cutting wear over deformation wear is higher at elevated temperature compared to that at 

lower temperature, Figure 131 (b), especially for the ratio at shallow angles. This significant increase 

of cutting wear is explained by softening/partially melting/pasty of silica erodent that is capable to pull 

out fracture section of coatings that otherwise not be removed at relative shallow angle [216], [218], 

[224]. 
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B.3.2. Validation of sintering time-dependent erosion behavior 

 

To calibrate the ( )f a  and ( )g a  in equation (120), the erosion is calculated by equation (107) 

based on erosion test conducted for EB-PVD TC at three different sintering stages [217], [219]. The 

details of experimental preparations (including the TC pre-sintering time and temperatures, parameters 

used for erosion test including the impact angles, impact velocities and particle mass) are tabulated in 

Table 21. Note that the mass of erodent for individual particles described in [217], [219] were 

determined by size of them, ranging from 20-1000μm. For the present work, the erosions are calculated 

using random parameter 
34

3
i pm R =   where the radius R  is assumed to be randomly vary 

between 20-1000μm.  

Table 21 Parameters of experimental settings in [219] used to calculate sintering-dependent 

fitting parameters 

TC pre-sintering 

time (hours 

TC pre-sintering 

temperatures 

(oC) 

Particle impact 

angles 

(o) 

Particle impact 

mass 

(g) 

Particle impact 

velocity  

(m/s) 

0 (As received) RT Randomly 

selected α 

ranging from 

[30, 90] 

Randomly 

selected im  

where R ranging 

from [20, 1000] 

Randomly 

selected V 

ranging from 

 [50, 400] 

24 1500 

100 1100 
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Figure 132 illustrates the calculated erosion rates for EB-PVD TC under various of pre-sintering 

treatments under different temperatures, together with erosion measured experimentally [217]. 
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Figure 132 Calculated erosion as function of high temperature sintering time with erosion 

measured experimentally [217] for different accumulated mass (a) M=0.5g (b) M=0.8g (c) M=1g 

 

The fitting parameters in equation (120) (calibrated by experimental measured erosions) can be 

used to indicate the general trend of kinetic energies affected by sintering behavior of TC. This follows 

since the erodent used from sintering erosion experiments is selected to be alumina particles with impact 

velocity in a range of 50-400m/s, instead, for the present study with analytical model, the material 

property of silica particle is selected with defined velocities (V=170 and 300m/s), which are then used 

to obtain the fitting parameters. In addition, unlike the procedures of estimating the temperature-

dependent fitting parameters using deterministic functions, the sintering parameters is fitted by 

stochastic approach described in section 6.2.3, where the impact angles and impact mass during high 

temperature dwell time are randomly selected. 

 

 


